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Introduction

At GE Aircraft Engines (GEAE), during the preliminary
design process for aircraft propulsion systems, the designer has
always been concerned about the cost implications of engine
architecture and material requirements, which are driven by
design specified engine thermodynamic operating conditions.
The concern was not only about initial acquisition economics,
but about maintenance costs associated with the propulsion life
cycle as well as the development costs associated with design
and certification of the power plant. The difficulty has been that
there was no rapid, accurate cost estimating process to allow
the designers ready access to the cost implications of design
choices. High cycle pressure ratios and bypass ratios were ther-
modynamically attractive in’ reducing SFC. Technology,
whether in the form of complex aerodynamic blade shapes to
increase efficiency or higher temperature materials to reduce
undesirable effects of cooling flows on SFC, was considered
without in depth quantitative cost impacts of these design
choices.

Unprecedented levels of airline financial losses in the early
1990s provided a clear focus, for both current and future prod-
ucts, indicating cost is a key discriminator. Airline customers
demanded engines that are affordable both to buy and to own.
Clearly a need had been established to quickly and accurately
understand the cost and life implications of preliminary design
choices.

Examination of cost models, both inside and outside the com-
pany, failed to locate a generic model which satisfied GEAE
business needs; i.e., one that

— costed parts based on physical attributes and compared
them to production parts in a cost data base

— utilized current production costs for parts and was tied to
a system that was periodically updated

— costed development and certification programs associated
with engine design choices

— reflected the impact of thermodynamic design choices on
maintenance cost associated with long term product utili-
zation

The technical challenge had been established and GEAE
launched an initiative in the early 1990s to produce such a code.
This paper presents trade studies considering engine cycle trades
with cost as a key discriminator.

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-5, 1998. Manuscript received by the ASME Headquarters April
1, 1998. Paper No. 98-GT-182. Associate Technical Editor: R. Kielb,
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Preliminary Design of Low Cost
Propulsion Systems Using Next
Generation Cost Modeling
Techniques

Integrated Preliminary Design System

To function in a manner which provides rapid response and
system optimization, a preliminary design tool set, capable of
being integrated, is required. The specific needs are linkable
models that define

— parametric engine cycle performance
— parametric engine weight

— engine cost

— A/C mission analysis

Ideally these programs would be linked and on-line user spec-
ified inputs would generate real time system impacts and inter-
dependencies. At a minimum, the programs must provide input
to each other with minimal user intervention. Emission and
noise considerations must also be assessed in any actual product
study. For the purpose of brevity and relative simplicity the
emission and acoustic effects are not considered for the study
presented here.

The preliminary design system currently in use at GEAE has
the above linkable tool set inputs and was utilized to present
the results contained in this paper.

Cost Modeling

The following three basic approaches are used in cost model-
ing: parametric, bottom-up, and comparative.

Parametric Techniques. These techniques use statistical
relationships derived from general historical data. Parametrics
are a function of one or more cost or noncost related parameters
(i.e., weight, size), simplistic, and part specific. Parametrics are
generally valid within a narrow technology band; however, for
use on emerging technologies, these relationships typically be-
come unreliable.

Bottom-Up Techniques. These techniques estimate costs
operation by operation and are based on related parameters.
Bottoms-up techniques require applicable historical data and
are very time intensive.

Comparative Techniques. These techniques estimate the
cost of a new part by adjusting the cost of existing parts to
account for the differences in size, materials, configuration, and
features. Because comparative costs are rolled up from the part
level, they are comparable in accuracy to bottoms up techniques,
but are much simpler,

The COMPEAT$™ Cost Model uses the comparative ap-
proach automating current manual cost estimating methods. The
model takes advantage of advances in software technologies
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Fig. 1 Mission description

integrating engineering information systems and historical data-
bases, from which comparative data is used as a basis of cost
estimating. The COMPEAT$™ Cost Model comparative pro-
cess provides bottom up accuracy with parametric simplicity.

Application of Surplus Value to Engine Optimization

In the following sections, the surplus value concept and its
application to optimization of a medium range commercial air-
craft engine will be described. How the maximum surplus value
engine differs from the minimum fuel burn engine and the
minimum direct operating cost engine will also be discussed.

Surplus Value Concept. The concept of surplus value was
documented by Collopy in 1997 [1]. In simple terms, the surplus
value of a commercial aircraft is the difference between the
present value of the profit stream generated by the aircraft and
the cost of manufacturing the aircraft and engines. Therefore,
the surplus value represents the total profit potential of the
aircraft, which is divided among the airline, airframe manufac-
turer, and engine manufacturer through the action of a competi-
tive market.

Collopy further demonstrated that in a rational market where
profit potential is the airlines’ only aircraft selection: criteria,
two or more competing aircraft can share in the market on a
sustained basis only when the sale prices of the aircraft are
adjusted such that the net profit available to the airline (i.e., the
difference between the present value of the revenue stream
generated by the aircraft and the purchase price of the aircraft)
is the same for all competing aircraft. Therefore, the airlines
get the same surplus value from any of the competing aircraft
in this scenario, and the airframe and engine manufacturers
divide the difference between the total surplus value and the
airlines’ share. Hence, the manufacturers of the aircraft and
engine combination with the highest total surplus value receive
a larger profit than their competitors. By similar reasoning, it
follows that when two or more engines compete on the same
aircraft, the manufacturer whose engine provides the highest
surplus value on the aircraft will receive a larger profit than his
competitors. Therefore, it is in the best interests of the engine
manufacturers, airframe manufacturers, airlines, and ultimately
consumers, to optimize engine designs to achieve maximum
aircraft surplus value,

Application of the Surplus Value Concept. To demon-
strate the utility of the surplus value method in engine optimiza-
tion, a typical domestic 160 passenger narrow-body aircraft
(fixed not rubber), with a design range of approximately 3000
nm (range capability with max passenger loading) was consid-
ered. The aircraft was assumed to be unconstrained by installa-
tion issues that would have an adverse effect on engine to wing
installation weight or drag. Also, the aircraft was not limited
by fuel capacity for any of the engines studied. These were all
done to ensure that aircraft specific items would not alter the

2 / Vol. 121, JANUARY 1999

general engine parameter trends that were being studied in this
paper. Also, it is typical of a new aircraft/engine combination.

The Engine Synthesis Program (ESP) and the COM-
PEATS$™ Cost Model were used to evaluate the performance,
weight, and cost of a parametric set of engines designed to the
same high pressure turbine rotor inlet temperature limit, 2800°F,
and the same takeoff and top of climb thrust levels. All of the
engines were two spool turbofans of the following same basic
architecture:

— single stage, solid metal, wide chord fan

— three to four stage booster

— seven to nine stage high pressure compressor
— dual annular combustor

— two stage high pressure turbine

— four to seven stage low pressure turbine

— separate flow nacelle

The mission and economic analyses for each of these engines
were performed using the methodology described in the follow-
ing sections.

Mission Mix Scenario. The mission mix scenario was cre-
ated to model typical domestic aircraft operation. As shown in
Fig. 1, nine missions were spread throughout the range/payload
envelope,

A distribution of ranges and payloads was then determined
from typical operating conditions, which when combined with
the missions, yielded the breakdown shown in Fig. 2.

The first six missions are typical of ‘‘nonlimited’’ operations.
This means each engine is carrying the same payload (average
load of 65 percent pax and 35 percent cargo). The seventh
mission is flown with maximum volumetric payload. Again,
each engine carries the same payload, but the total payload is
higher than that in missions 1-6 (payload is max passengers
and max cargo using a typical cargo density). The eighth mis-
sion is flown with max structural payload. In this case, since
aircraft are certified to a MZFW (max zero fuel weight), the
engine weight affects the ability to carry payload. Hence, the
heavier the engine, the less cargo that can be carried (each
engine carries max passenger load but varying cargo loads).
The ninth and final mission in the mix consists of a typical
MTOGW (max takeoff gross weight) limited mission. A 3000
nm mission was chosen to allow for approximately a max pas-
senger loading; however, each engine will carry a different
payload in this case. The average range of the nine missions
studied was ~1300 nm, which is typical of aircraft in this
market category.

Mission Analysis Methodology. The study aircraft was
flown with each of the study engines for all of the nine missions
described in the mission mix. The missions were executed using
typical mission rules and reserves. A particular study engine
configuration affects aircraft mission performance through en-
gine SFC, nacelle drag, and engine weight. For the purposes of
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Fig. 3 Effect of fan pressure ratio and overall pressure ratio on cruise
SFC

this study, engine SFC, relative to a given reference engine
installation, is reflected in a change to aircraft specific range
characteristics. A change in nacelle drag, due to fan diameter
(i.e., low FPR = high fan diameter), is also reflected by a
change in aircraft specific range characteristics. Propulsion sys-
tem weight is reflected in aircraft empty weight. Since the study
aircraft is a domestic 160 passenger aircraft (i.e., twin-engined)
a particular engine’s weight, relative to the reference engine,
changes the empty weight by a factor of two on engine weight
with an additional weight term added to reflect the structure
required to mate those engines with the airframe. Each of the
missions in the mission mix contributes to operating cost
through fuel burn (i.e., a function of weight, drag, and SFC).
In addition, operating cost is dependent on the mission results
since engine flight hours affect maintenance costs. The major
contributor to the overall profitability of the aircraft is revenue,
which comes from payload capability in the form of passengers
and/or cargo. Therefore, the profitability figures of merit (that
vary with each study engine) are fuel burn, flight time, and
payload. :

Economic Analysis Methodology. In order to analyze the
engines in terms of actual airline usage scenarios, an economic
analysis has been performed based on the mission analysis re-
sults. As described earlier, the surplus value concept is a method
which quantifies and ranks the appropriate items to be com-
pared. A modification of this method has been used. This has
been done in the interest of better showing the study engine
trends as applied to the profit potential of the overall system.
The simplification entails utilizing a markup of engine manufac-
turing cost to determine an engine price, and similarly utilizing
the aircraft price, rather than aircraft cost. Inserting these as-
sumptions into the surplus value calculation results in a typical
NPV (net present value) analysis. No attempts have been made

Ratative Enging & Nacelie
Walght (1)

Oudgn Fan Presmurs Rats 108

Fig. 4 Effect of fan pressure ratio and overall pressure ratio on engine
weight
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Fig.5 Effect of engine cycle on size at constant takeoff and top of climb
thrust

to study the distribution of the profit between engine manufac-
turer, airframe manufacturer, and airline. Rather, the study de-
fines the relative profit available assuming the airframe and
engine manufacturer have obtained a fixed profit through the
markup of cost to price. The study engine trends developed
with this simplified method are the same as would be seen with
the surplus value method, only the magnitude of the results
differ.

The methodology used in performing the economic analysis
is a combination of standard DOC (Direct Operating Cost)
techniques, coupled with a revenue stream and ultimately resuits
in the NPV analysis. Total DOC+I (direct operating cost +
interest) results are made up of flight crew, cabin crew, fuel
burn, engine maintenance, airframe maintenance, insurance,
landing fees, airframe and engine depreciation, and airframe
and engine interest. The ‘‘cost’’ items from the nine missions,
coupled with the mission weightings, are totaled to create a
yearly ‘‘expense’’. The payload data from each of the nine
missions is then divided into passenger and cargo revenue,
based on the relevant distributions for each mission. When com-
bined with the mission weightings, a yearly ‘‘revenue’” is cre-
ated. Combining the revenues, expense and tax information
yields a yearly financial picture. Evaluating these items over a
typical service life provides a cash flow stream that, when com-
pared against the initial investment, allows an NPV calculation
to be made. The NPV has been determined using a fixed dis-
count rate. The NPV becomes the economic figure of merit
used to determine the overall economic ‘‘winner’’ among the
study engines. This approach allows the study engines to be
ranked by potential economic benefit available to a typical air-
line customer.

Engine Cycle Trade Study

The basic cycle parameters, fan pressure ratio (FPR), and
overall pressure ratio (OPR), are of primary importance in the
design of a new turbofan engine. These parameters, which are
set very early in the design process, have a major impact on
the engine weight, cost, and fuel consumption. To demonstrate

Mission Performance Trends
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the surplus value method of optimizing these parameters, we
examined the design space defined by a fan pressure ratio range
of 1.5 to 1.95 and an overall pressure ratio range of 28 to 40.
The results, discussed in the following sections, utilize FPR =
1.8 and OPR = 32 as a baseline.

Engine Characteristics. The specific fuel consumption and
engine weight and trends are shown in Fig. 3 and Fig. 4 respec-
tively. As fan pressure ratio is reduced, the bypass ratio and the
propulsive efficiency both increase. This results in a significant
improvement in specific fuel consumption. However, this also
results in a weight increase because fan airflow, and hence
diameter, must increase to maintain constant thrust. This effect
is illustrated in Fig. 5, where the ESP-generated flowpath draw-
ings are shown for the four corners of the design space. It should
be noted that the weight increases rapidly between 1.65 and 1.5
fan pressure ratio because only solid metal fan blades have been
chosen for this study. If the lower fan pressure ratio range
looked favorable for this application, a weight reduction tech-
nology, such as a composite fan blade, could be used to mitigate
the weight increase.

Engine specific fuel consumption, weight and cost are influ-
enced by both overall pressure ratio as well. As overall pressure
ratio is increased in the range of interest, the thermal efficiency
of the cycle increases and the specific fuel consumption de-
creases. At the same time, the specific power of the core tends
to decrease, so the core must be slightly larger to produce the
same fan power.

Mission Analysis Results. For the purposes of simplifica-
tion, the FPR = 1.80 engines have been selected to show the
cost and revenue trends with varying OPR. This intermediate
FPR was selected as a balance between mission performance
and acoustic requirements. Figure 6 depicts mission perfor-
mance as a function of engine OPR. Delta design range is an
indication of MTOGW limited payload capability (mission 9)
while 1000 nm delta fuel burn is a reflection of operating cost
due to mission weighted fuel burn (missions 1-7). Here it can
be seen that, on the study aircraft with the assumed study engine
configuration, the high OPR engines offer better design range

Manufacturing Cost Trends
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and fuel burn until that point at which the weight attendant with
core size and stage count offsets that improvement in SFC
associated with better thermal efficiency. Short haul aircraft are
more sensitive to engine weight than SFC due to lower fuel
fractions. The aircraft operating costs are based on the integra-
tion of fuel burns across the mission mix rather than 1000 nm
fuel burn only.

Economic Results. Figure 7 shows the breakdown of indi-
vidual cost items within the Total DOC+1 (total op cost) term
for the baseline engine over a one year operation. It must be
noted that the engine affects only 35-40 percent of the total
aircraft operational cost. Range of variation due to cycle impacts
must be significantly less than 35 percent.

Figure 8 shows the relative manufacturing costs for varying
OPR. The manufacturing cost trends are similar to the weight
trends; larger engines tend to be both heavier and more expen-
sive. However, the cost trends are not as smooth because they
are more strongly influenced by discrete changes in materials
and numbers of turbomachinery stages. The higher pressure
compressor also requires more stages to produce the higher
overall pressure ratio. These effects drive both weight and cost
up. In addition, as overall pressure ratio rises, more costly mate-
rials are required in the compressor and turbines to withstand
the resulting temperature increases.

Figure 9 shows the change in annual fuel costs for varying
OPR at a constant FPR = 1.80. Essentially, this chart is a
reflection of the block fuel burn results shown earlier, although
the annual fuel costs are the result of the integration of fuel
costs on all nine missions as they are weighted for one year’s
use.

Figure 10 shows aircraft total operating cost for one year’s
operation on a relative basis. As was mentioned earlier, engine
related items account for about 35 percent of the total operating
cost of the aircraft, of which fuel costs are but one contributor.
The other engine related cost items, namely engine mainte-
nance, depreciation, and interest, when combined with fuel
costs, produce the trend shown in Fig. 10. Since these three

Total Operating Costs (DOC+I) per Year
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items are strong functions of manufacturing cost, the higher
OPR engines, with the attendant higher manufacturing costs,
are more expensive to operate on a relative basis. The combina-
tion of fuel costs, shown in Fig. 9, and manufacturing costs
result in an optimal OPR = 36 engine from a total operating
cost standpoint.

Figure 11 shows the annual total revenue for varying OPR
engines at constant FPR = 1.80. Recall that for missions 1-7,
payload (and thus revenue) are the same for all study engines.
For mission 8, high engine weight results in lower revenue. For
mission 9, payload is a function of engine weight, drag and
SFC integrated over the mission. As a result, in Fig. 11, OPR
= 36 shows the maximum revenue generating capability.

The integrated effects of total operating cost, acquisition cost,
and revenue can be represented by a net present value (NPV)
calculation over a fixed period of time. This calculation, for a
period of 15 years, is shown in Fig. 12. It should be noted that
all of the study engines are a good investment by the standards
of the NPV calculation since absolute values are positive. Delta
NPV is shown in order to highlight the trends. The combination
of low operating costs, moderate acquisition cost, and high
revenue result in the OPR = 36 engine having the highest profit
potential for the airline.

Summary

A variation of the surplus value method was used to define
the optimum engine cycle for a typical 160 passenger narrow-
body aircraft. The results indicate that more traditional optimi-
zation parameters, such as fuel burn, fail to produce the best
engine from an economic perspective, because they focus only
on costs without regard to revenue generation potential.

Journal of Engineering for Gas Turbines and Power
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Relative to the specific optimum cycle obtained, it must be
remembered that this study has been performed on a 160 passen-
ger narrow-body aircraft, operating over a typical domestic op-
eration. The conclusions on engine FPR, OPR, cost, etc., are
not applicable to all aircraft types and operational environments.
Due to the short stage lengths that this type of aircraft sees in
operation, the importance of SFC and, therefore, fuel burn are
not as strong as would be seen in longer range operations. As
a result, the impact of items such as maintenance cost and
engine cost become much more important on a relative basis,
than would be seen on a long range, wide-body application.
Each aircraft and engine application should be studied in order
to determine the proper relationship between engine parameters.
Acoustic and emission requirements could also significantly
alter the design choice.

It has also been shown that the basic thermodynamic cycle
can have a significant impact on the economic viability of the
engine. Although the data to prove it was not shown in this
paper, the same is true of the basic engine architecture (i.e., the
general engine layout, number of spools, and number and type
of stages). Since both the cycle and the engine architecture are
set very early in the engine design, an advanced, integrated set
of design and analysis tools is required to perform the full
engine economic analysis before significant engine design work
is completed. The tools must be simple enough to allow rapid
design iterations on the cycle and architecture, while having
enough fidelity to obviate the need for significant cycle or archi-
tecture changes later in the design process.
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Gas Turbine Cycle Design
Methodology: A Comparison of
Parameter Variation With
Numerical Optimization

In gas turbine performance simulations often the following question arises: what is
the best thermodynamic cycle design point? This is an optimization task which can
be artacked in two ways. One can do a series of parameter variations and pick from
the resulting graphs the best solution or one can employ numerical optimization
algorithms that produce a single cycle that fulfills all constraints. The conventional
parameter study builds strongly on the engineering judgement and gives useful infor-
mation over a range of parameter selections. However, when values for more than
a few variables have to be determined while several constraints are existing, then
numerical optimization routines can help to find the mathematical optimum faster
and more accurately. Sometimes even an outstanding solution is found which was
overlooked while doing a preliminary parameter study. For any simulation task a
sophisticated graphical user interface is of great benefit. This is especially true for
automated numerical optimizations. It is quite helpful to see on the screen of a PC
how the variables are changing and which constraints are limiting the design. A
quick and clear graphical representation of trade studies is also of great advantage.
The paper describes how numerical optimization and parameter studies are imple-
mented in a Windows-based PC program. As an example, the cycle selection of a
derivative turbofan engine with a given core shows the merits of numerical optimiza-
tion. The parameter variation is best suited for presenting the sensitivity of the result
in the neighborhood of the optimum cycle design point.
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2 Parameter Studies

The results of parameter studies are normally presented as
graphics. In a single graph one can show for given ranges of two
parameters the results for several dependant quantities. In a cycle
study for a single spool turbojet engine, for example, with com-
pressor pressure ratio and burner exit temperature as design pa-
rameters, one can plot the specific fuel consumption over specific
thrust. In the resulting carpet one can additionally show lines for
other calculated parameters as for example the turbine pressure
ratio and the turbine exit temperature, see Fig. 1.

Let us assume, for example, that the design aim is a low cost
turbojet with a single stage turbine and an uncooled turbine exit
casing. The feasible region of design parameter combinations
can be marked easily in the carpet since it is limited by the
following constraints:

1 Introduction

The traditional way to select the thermodynamic cycle of a
new gas turbine employs extensive parameter variations. For
a complex engine with many design variables this is a time-
consuming task. One looks for the optimum solution in a certain
respect.

Instead of screening a wide range for the design variables
with systematic parameter variations it is also possible to do an
automatic search for the optimum engine design with the help
of numerical optimization routines. This can be done for exam-
ple with the Windows-based gas turbine performance program
GasTurb developed by the author.

Certainly it is not sufficient, to get a single cycle as the best
solution from the computer program for two main reasons.

Firstly, the numerical optimization algorithm will find the
optimum of the mathematical model only as opposed to the
“‘true’” optimum. An exotic cycle as result of an optimization
run is mostly a hint to a deficiency of the model. In such a case
most probably a design constraint has been overlooked when
defining the problem.

Secondly, it is always of interest to know about the neighbor-
hood of the optimum solution. From a parameter study limited
to the region of interest it becomes obvious which design vari-
ables and constraints have the biggest impact on the result.

One of the advantages of numerical optimization is, that the

<35

turbine exit temperature < 1200K uncooled turbine exit casing

turbine pressure ratio single stage turbine

From Fig. 1 one can read that with these constraints the cycle
with the highest specific thrust has a burner exit temperature of
1600K and a compressor pressure ratio of around 16.5.

However, most gas turbine cycles are much more complex
than the turbojet example discussed above. A two-spool turbo-
fan has the following five cycle design variables: low spool
pressure ratio; high spool pressure ratio; burner exit tempera-

region where parameter studies should be performed is nar-
rowed down significantly.
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ture; bypass ratio; and fan pressure ratio. There will also be
more constraints than with the turbojet example, as follows:
limit

uncooled Ip turbine

Ip turbine inlet temp. <

limit
material of compr. disk

compressor exit temp. <
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In a more detailed study there will be even more design
variables as for example the stage numbers for the high and the
low pressure turbine. It is obvious that with a parameter study
it will be very difficult and time consuming to find the optimum
values for the design variables.

3 Numerical Optimization

By the way, how is the optimum defined in a mathematical
sense? In a parameter study that question must not be answered
a priori. In a numerical optimization, however, a figure of merit
must be clearly defined before the calculation can commence.
The figure of merit might be the specific fuel consumption of
a turbofan at cruise which is to be minimized. For a fighter
engine it might be that the specific thrust shall be maximized.
One can also think of a weighted combination of these parame-
ters.

When values for more than a few variables have to be deter-
mined while several constraints are existing, then numerical
optimization routines can help to find the mathematical opti-
mum (i.e., the minimum and maximum, respectively, of the
figure of merit) faster and more accurately. As shown above
with the turbojet example, in a parameter study with only two
variables it is easy to find an optimum solution. If there are
three variables the situation is not so clear. With more than
three variables the picture may get obscure. In complex studies
the true optimum may never be found with the conventional
parameter study.

There are many numerical optimization algorithms known
from literature. They can be divided basically into the following
two major groups: methods that use gradient information and
others. In the program GasTurb there is one method from each
group implemented. A short explanation how these algorithms
work is given in the following chapters.

3.1 Gradient Method. The following is a good example
for the optimization task. A mountaineer shall climb the highest
peak in a certain region. He has no map and the weather is
foggy. His only tool is an altimeter. What is he going to do?
He will certainly check his surroundings first and then go in
the direction of the steepest ascent. In the end he will come to
the top of a mountain. This is a place where each step leads
downwards.

Journal of Engineering for Gas Turbines and Power

Fig. 2 Optimization strategy

The steepest ascent may, however, lead toward a border
(which is either the lower or upper limit of a design variable)
of the region. Then our mountaineer will walk along the border
until he reaches the place where each step leads downwards or
out of the allowed region.

Is that the end of the story? Not necessarily. There might be
several summits within the region. Our mountaineer may have
found the highest peak by chance, but he cannot be sure of that.
He has to check other parts of the region. In mathematical
terms there might be ‘“‘local’” optimums besides the ‘‘global’’
optimum.

Up to now we have not spoken of constraints. They are like
fences. A part of the region is forbidden to our mountaineer.
His task is made more difficult because on his way to the summit
he may have to walk downwards for a while to avoid a forbidden
region. The fences (the constraints) often exclude the summit
(where each step leads downwards) as an acceptable solution.
They create local optima that would not exist without fences.
Constraints make the task of optimization difficult.

Let us turn to the mathematical algorithm now. The moun-
taineer who first makes test steps in several directions uses the
‘‘gradient strategy’’ as a search method. With the test steps he
is looking for the partial derivatives 8Z/9V; . For each optimiza-
tion variable he must do one test step before he can start his
way in the “‘right” direction.

After the first step uphill the local gradients will be different.
The test steps could now be repeated to find the new direction.
Test steps take time, however, and it is therefore better to go
on in the same direction as long as the altitude increases. Reach-
ing a fence (violating a constraint) could be another reason for
stopping the climb. Only then will new gradients be sought.
The new direction will eventually take you along a fence.

The gradient search algorithm implemented in GasTurb was
derived from [2]. The principle is the following (see Fig. 2).
We begin at the point marked ‘‘Start 1°°, looking for the direc-
tion of the steepest gradient (*‘Direction 1°*). Following this
direction we walk to the highest point. Then we change the
direction by 90 deg (orthogonal). This can be done without
evaluating the local gradient. We again go for the highest point
here. To define the third direction we use the experience from
the first two directions. We connect the point “‘Start 1°’ with
the optimum point found along ‘‘Direction 2°°. We follow this
direction again as long as altitude increases.

This procedure can be applied repeatedly until the search
steps or the changes in the ‘‘figure of merit”’ become very
small. There is also a maximum limit for the number of optimi-
zation steps. In the example of the figure the optimum is found
along search direction 6 (not marked in the figure, perpendicular
to direction 5).

The dashed line in the figure shows how optimization would
go on, if only local gradient information is used. With this
simple strategy, the search direction would change very often.
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Up to now we have only dealt with optimization without
constraints. In the figure there is a shaded zone which suggests
a forbidden region. If we use the strategy just described the
search for the optimum will end at the point **A’’ along “‘Direc-
tion 5°’. We cannot find the global optimum if we begin at
“‘Start 17’ If we begin at “‘Start 2’°, however, we will be at
the top of the hill very quickly.

3.2 Random Search. The second optimization strategy
offered by GasTurb is based on [3]. In an adaptive random
search, random numbers are used for the optimization variables
that are concentrated around the best solution found before. The
algorithm is

v =vi+ e - 1)k
ke

with
V; = new value for optimization variable

V # = value of V; producing the best figure of merit
R; = search region for variable V;
kz = range reduction coefficient (positive integer)
k, = distribution coefficient (positive odd integer)
® = random number between zero and one

To start an adaptive random search one should have a variable
combination which fulfills all of the constraints. At the start of
the search kg is 10 and %, is 1. In one search run, the program
tries (40 times the number of Optimization Variables) random
engine cycles. When all cycles have been calculated, then kg
will be duplicated and k, will be increased by 2. The search
region will get smaller. Another (40 times the number of Opti-
mization Variables) cycles will be calculated and then kp will
be duplicated again and k, will be further increased by 2. This
procedure will be repeated until all cycles for kr = 80 have
been tried. Cycles that do not fulfill the constraints will be
ignored.

4 Cycle Selection for a Derivative Turbofan

A very common design task is to adapt an existing engine
for a new application. It is quite obvious that in this case there
are more constraints than during the design of a brand new
engine. In this chapter at first the basic engine will be described
and then the design variables, the constraints and the figure of
merit for the numerical optimization of a derivative engine.

4.1 Description of the Basic Engine. Let us assume that
we can start from an existing unmixed flow turbofan engine for
a business jet. This type of engine has a rather low overall
pressure ratio and a moderate burner exit temperature compared
to the big turbofan engines used on commercial airliners. The
main cycle parameters are shown in the table below.

Table 1 Main cycle parameters of the basic engine

Flight Condition 11 km /Mach 0.8
Max Climb
installed

Thrust 3.64 kN

SFC 19.7 g/kN*s

Bypass Ratio 4.5

Burner Exit Temperature 1350 K

Overall Pressure Ratio 17.82

Core Pressure Ratio 12

ISA Corrected Mass Flow 60 kgls
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Fig. 3 Configuration of the basic engine

4.2 Design Variables, Constraints and Figure of Merit.

Design Variagbles. Besides the pressure ratios of the new
booster and the fan there will be the bypass ratio and the burner
exit temperature among the design variables of the growth en-
gine. A new low pressure turbine will be required while the gas
generator remains unchanged. The configuration of the growth
engine will be as shown in Fig. 4.

The core compressor of the new engine must not necessarily
be operated at the same operating point as in the basic engine.
In fact that might even be impossible because doing that would
require an increase in the mechanical spool speed beyond the
limits of the original design. Thus, we get as two further design
variables for the derivative engine the core compressor mass
flow and its pressure ratio.

It is standard practice not to read a compressor map with
given mass flow and pressure ratio, but with given corrected
speed and a value for an auxiliary coordinate (here called beta)
(see, for example, [4]). In the list of the design variables we
get instead of the compressor mass flow and its pressure ratio
the two equivalent variables corrected speed and map coordinate
beta.

Altogether there are six design variables for the derivative
engine.

Constraints. There are several constraints for the new en-
gine design to be observed. The common core with the basic
engine requires that both high pressure turbines have practically
the same flow capacity. We want the Mach number at the core
exit also to be nearly the same and that has the consequence,
that the flow capacity of the low pressure turbine must also be
very similar between both engines. As a consequence there will
be practically no difference between both engines with respect
to the high pressure turbine pressure ratio.

A further constraint is, that the low pressure turbine iniet
temperature T,s must be below say 1150K which allows to
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Fig. 4 Configuration of the growth engine
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design an uncooled low pressure turbine from inexpensive mate-
rials.

The core compressor will eventually cause several constraints
for the design. There might be a temperature limit when the
last stage is made from titanium, for example. Also, a mechani-
cal speed limit may exist. And last but not least the minimum
surge margin requirements must be met.

Another constraint may come from the nacelle in which the
engine has to be installed. This will limit the fan diameter of
the growth engine.

In our example the task is, to increase the Max Climb thrust
by 25 percent. Engine designs with less thrust than required
will not be acceptable, and, therefore, the thrust is a design
constraint for the growth engine. In summary, the design con-
straints for the derivative engine are:

hp turbine flow capacity = reference value *+5 percent
Ip turbine flow capacity = reference value *+5 percent
Ip turbine inlet temp Tys < 1150K

compressor exit temp 7, < 750K

core spool speed < reference + 5 percent
fan tip diameter < 0.75m
Max Climb thrust > 4.5 kN

Figure of Merit. The specific fuel consumption (SFC) for
Max Climb rating is the figure of merit which is to be mini-
mized. This will automatically result in a low fuel consumption
for cruise.

4.3 Mathematical Model of the Engine. A mathematical
model of the growth engine requires a mixture of design and
off-design calculations. The components on the low pressure
spool will be newly designed while the core components will
be operated at some off-design condition compared to the design
point of the basic engine.

We select as the cycle design point for the growth engine
the Max Climb rating at altitude. For this flight conditions the
optimum values for the design variables will be found.

The mathematical model of the engine must take into account,
that the design point efficiencies of the fan, the booster and the
low pressure turbine will change with the acrodynamic loading.
For axial compressors an appropriate correlation has been pub-
lished by Glassman [5] and for the low pressure turbine one
can use a simplified version of the preliminary turbine design
routine from Warner [6].

The efficiency and the surge margin of the core compressor
will be read from the map dependent from the values for the
design variables core compressor corrected speed and map coor-
dinate beta.

Note that the temperature limits for T3 and 745 in the list of
constraints are not applicable to the Max Climb rating, but for
the flight case with the highest temperatures encountered in the
flight envelope. That means, that the numerical model of the
engine must be capable to simulate both the Max Climb flight
case at altitude (as a cycle design point) and the Take Off rating
for the ‘‘hot day’’ (ISA + 15K) at sea level, Mach 0.2 (as an
off-design condition).

5 Optimizing the Growth Engine

5.1 Ranges for the Design Variables. Another argument
for setting the range of a design variable is that either the lower
or the upper limit represents a true limit for the engine design.
In our example, this is the case for the pressure ratio of the
single stage fan which is introduced with an upper limit of 1.9.
In the table below the ranges for all six design variables are
given.

Journal of Engineering for Gas Turbines and Power

Table 2 Ranges for the design variables

min value | maxvalue
fan P/P 1.1 1.9
booster P/P 1.4 2.3
bypass ratio 4 6
burner exit temp 1300 K 1600 K
relative core compr. corr. speed 0.9 1.02
core compr. map coord. beta 0.3 0.8

Before the numerical optimization algorithm can start, we
need to define a range for the design variables. On one side this
range should be as narrow as possible because then the search
for the optimum will take less effort. However, when the range
is too narrow, then the true optimum might be excluded from
the search unintentionally.

5.2 Starting Point. Many numerical optimization algo-
rithms require that a set of design variables that fulfills all
constraints must be known before the calculation can com-
mence. The cycle of the basic engine is within the ranges of
all design variables, however, obviously it does not fulfill the
minimum thrust constraint.

How can we get a valid cycle to start with? One possible
approach would be, to do a rough parameter study which has
only the aim to find a feasible solution, but not the best solution
for the problem. However, this parameter study takes more
effort than necessary. We can redefine the figure of merit for
the moment and do a slave optimization with the aim of max-
imizing the Max Climb thrust. The minimum thrust constraint
is dropped for that preliminary exercise which makes the cycle
of the basic engine valid as a start point.

While the slave optimization is running, one can observe on
the computer screen the progress. As soon as a cycle is found
which has more Max Climb thrust than required (and fulfills
all constraints) we can stop. Now we redefine the figure of
merit as specific fuel consumption and introduce the minimum
thrust constraint. The final optimization can commence now.

5.3 Graphical User Interface. Figure 5 shows the opti-
mization window of GasTurb for the example of this paper with
six horizontal gauges for the design variables on the left and
seven gauges for the constraints in the upper right part. The
gauges are continuously updated while the optimization is run-
ning. In the lower part of the screen the figure of merit is shown
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Fig. 5 Graphical user interface of Gas Turb
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Table 3 Cycle parameter summary

Basic Engine Growth Engine
Max Climb | Hot Day Max Climb | Hot Day
Take Off Take Off

Thrust 381 13.10 450 16.94
[kN)
SFC 19.86 14.23 18.93 13.33
[g/(kN"s)}
Bypass 45 4.65 §.06 5.23
Ratio
Fan 1.775 1.62 1.73 1.60
P13/P2
\deal Jet 0.761 0.886 0.726 0.839
Vel. Ratio
Booster 1.5 1.33 1.80 1.81
P24/P2
HPC 12 11.36 123 11.67
P3/P25
T4 [K] 1350 1479 1393 1530
W41iRstd 1,35 1,35 1,31 1,31
W4SRstd 498 4,96 501 5,00
T3IK} 610 708 649 750
T45 (K] 973 1076 1000 1108

both as numbers and as graphic with a dot for every valid
solution.

One can immediately see from the gauges when a variable
or a constraint is driven toward a range boundary respectively
limit. When the range boundary of a design variable happens
to be not a true limit for the engine design then one can stop
the calculation and redefine the range for the corresponding
design variable.

In practice it happens quite often, that during the first attempts
the optimization problem is not formulated correctly. In such a
case the numerical algorithm drives the mathematical model in
a direction which is obviously nonsense because a constraint
was forgotten, for example. Therefore, an easy to survey graphi-
cal user interface is very helpful for avoiding a waste of comput-
ing time.

The optimization can be stopped at any time, which allows
to check the best solution found in more detail than possible
from the values for design variable and constraints alone. For
both the engine design point (Max Climb at altitude) and the
off-design condition (SL Take Off ISA + 15K Mach 0.2) there
are all details accessible. This includes even graphs with the
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Fig. 6 Sensitivity for booster and outer fan pressure ratio
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low pressure turbine design and the operating points in the
component maps at off-design.

5.4 Local and Global Optima. As explained in the chap-
ter about the gradient search strategy with numerical optimiza-
tion there is always the danger that the algorithm finds only a
local optimum but not the global optimum within the parameter
range. When there are several local optima within the feasible
region, then it depends on the starting point of the algorithm
which local optimum will be found. Therefore, one should re-
peat the optimization run several times and pick from all local
optima the best one.

One can find easily a new starting point for the optimization
by redefining the search direction. Instead of minimizing the
specific fuel consumption one looks during a restart run for the
cycle with the maximum SFC. The random adaptive search will
lead for each restart run to a different starting point even when
it commences several times from the same optimum,

In Fig. 5 one can see from the graphics for the figure of
merit, that twice a restart has happened. This was caused by
the algorithm called ‘‘endless random search’’ which restarts
automatically after the algorithm has homed into an optimum.
The best solution found will be stored in memory and can be
restored as soon as the calculation is stopped.

Some important data for our growth engine example is sum-
marized and compared to the basic cycle in Table 3 below.

6 Discussion of the Results

The optimum growth engine is influenced by three of the
design constraints. It has a fan diameter of 0.75 m, i.e., it uses
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the largest fan which was allowed in this exercise. The second
constraint which had an impact on the design of the growth
engine is the compressor exit temperature which was limited to
750 K for the hot day take off case. The third constraint was
the minimum high pressure turbine flow capacity W41Rstd.

All design variables did remain within the predefined range
during the optimization. The thrust increase for Max Climb
rating at altitude is 25 percent and at Take Off even 29 percent.
Note that both engines run during Take Off speed with 7 percent
more mechanical high pressure spool speed than at Max Climb
in this example. The specific fuel consumption at altitude is
nearly 5 percent better for the growth engine.

In the table there is also a row for the ideal jet velocity ratio.
From theoretical considerations one can derive, that this ratio
should be equal to the product of fan and low pressure turbine
efficiency when an unmixed flow turbofan is to be optimized
for SFC. Note that the numerical optimization algorithm has
automatically found a cycle for which the jet velocity ratio is
near to its theoretically best value.

It is quite useful to do a parameter variation in the neighbor-
hood of the optimum solution. This gives an insight to the
sensitivity of the result. Figure 6 shows the influence of ‘‘outer
fan pressure ratio’” and ‘‘booster pressure ratio’’ on thrust and
specific fuel consumption. Note that the parameter on the verti-
cal axis was mainly selected because it spreads the carpet nicely.
The corrected flow at the low pressure turbine exit is not a very
important engine design parameter.

Actually, the limiting line for the fan diameter (0.75 m) is
identical to the line for the minimum high pressure turbine flow
capacity. To the left of the line for booster pressure ratio ~
1.79 the lower limit for the high pressure turbine flow capacity
is violated and to the right of this line the fan diameter is too
big. In this graph only one point is a valid solution: the square
which fulfills the thrust requirement. One can see, that the opti-
mum solution is pretty much boxed in by the design constraints.

In Fig. 7 two more design variables were systematically var-
ied around the optimum solution. Again the square marks the
only point which fulfills all constraints.
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Figure 8 deals with the operating point of the high pressure
compressor. High values for the auxiliary coordinate beta go
with a low surge margin. The square marks the point with
lowest SFC in the region of feasible designs.

7 Summary

With a conventional parameter study it is very difficult to
find the optimum solution for a problem as soon as four or
more design variables and several constraints are involved. With
the help of numerical optimization algorithms one can easily
find the mathematical correct solution to the problem. Extensive
parameter studies around the solution will help to understand
why this combination of design variables is the best choice and
how sensitive the figure of merit is to small deviations from the
optimum.

As an example, the cycle selection of a derivative turbofan
engine with a given core shows the merits of numerical optimi-
zation. The parameter variation is best suited for presenting the
sensitivity of the result in the neighborhood of the optimum
cycle design point. Sometimes this leads to a redefinition of the
figure of merit or the constraints imposed on the solution. In
rare cases even an outstanding solution is found which was
overlooked while doing a preliminary parameter study.
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Development of a Combustor
Liner Composed of Ceramic

“ Nisho ¥ Matrix Composite (CMC)
K.-I. lgashira The Research Institute of Advanced Materials Gas-Generator (AMG), which is a
joint effort by the Japan Key Technology Center and 14 firms in Japan, has, since
K. Take fiscal year 1992, been conducting technological studies on an innovative gas genera-

tor that will use 20 percent less fuel, weigh 50 percent less, and emit 70 percent less
NOx than the conventional gas generator through the use of advanced materials.
Within this project, there is an R&D program for applying ceramic matrix composite
(CMC) liners to the combustor, which is a major component of the gas generator.
In the course of R&D, continuous SiC fiber-reinforced SiC composite (SiC*/SiC)
was selected as the most suitable CMC for the combustor liner because of its thermal
stability and formability. An evaluation of the applicability of the SiC*/SiC composite
to the combustor liner on the basis of an evaluation of its mechanical properties and
stress analysis of a SiC*/SiC combustor liner was carried out, and trial SiC*/SiC
combustor liners, the largest of which was 500-mm in diameter, were fabricated by
the filament winding and PIP (polymer impregnation and pyrolysis) method. Using
a SiCT/SiC liner built to the actual dimensions, a noncooling combustion test was
carried out and even when the gas temperature was raised to 1873K at outlet of the
liner, no damage was observed after the test. Through our studies we have confirmed
the applicability of the selected SiC*/SiC composite as a combustor liner. In this
paper, we describe the present state of the R&D of a CMC combustor liner.

Research Institute of
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T. Suemitsu
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Introduction

. Turbo-propeller engine
In the process of developing more efficient industrial gas Turbojet engine
turbines and turbine engines for airplanes to travel at supersonic Turbo-an engine
Fighter plane

speeds, much effort has been directed at raising the combustor
outlet (turbine inlet) temperature, as is shown in the chart of
the increase in gas turbine inlet temperature in Fig. 1 [1]. This
has created the need to develop new materials that can withstand
these ultra-high temperatures. In response to that need, as is
shown in Fig. 2, such new metallic materials as DS (direction-
ally solidified) superalloys and SC (single crystal) superalloys
have already reached the stage of practical application and the
development of intermetallic compounds, oxide dispersed su-
peralloys, and other metallic materials is under way [2]. In
response to the drive to achieve combustion at temperatures
that exceed the limits of durability of metallic materials, CMC
materials that can be applied as materials with greater heat
resistance than metallic materials are being developed.

The Research Institute of AMG is conducting research and
development to apply these composite materials as parts for gas
generators that operate at ultra-high temperatures. The research

Fighter plane (under Deveioping)

Civil plane (under Developing)

Industrial gas tubine

Industrial gas tubine (under Developing)
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®
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o
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period is nine years and one month, from March 1993 to March 800 L Vo ool d sl oo,
2002, as shown in Fig. 3. The total research budget amounts to 1950 1960 1970 1980 1990 2000
10 billion yen (about $100 million). The fourteen participating Financial year

domestic companies are three gas turbine manufactures, five
materials companies, four mechanical components manufac-
tures, and two control systems companies [3].

In the AMG program, we are engaged in the R&D of applica-
tion technology and processing technology for CMC parts with
the aim of applying CMC materials to gas generator static parts.

In this paper, we describe the results of our evaluation of
CMC’s applicability as a combustor liner based on an analysis

Fig. 1 Turbine inlet temperature in gas turbines

evaluation of an actual CMC liner assembled in a combustor
and subjected to a combustion test.

Concept of Advanced Materials Application to the

of thermal stress and evaluation of a CMC liner model, and an

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-35, 1998, Manuscript received by the ASME Headquarters April
1, 1998. Paper No. 98-GT-104. Associate Technical Editor: R. Kielb.
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AMG Combustor

In the AMG combustor, the plan is to apply CMC to the
combustor liner and TiAl to the combustion gas swirl introduc-
tion swirler. Silicon carbide fiber-reinforced silicon carbide
(SiC¥/SiC), which features superb resistance to high tempera-
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Fig. 2 Development trends of heat-resistant materials

tures and oxidation, was selected as the candidate CMC material
for the AMG combustor liner. The conceptual configuration of
the combustor is shown in Fig. 4.

To produce the combustor liner we selected the filament
winding (FW) method, which makes it easy to adjust the fiber
orientation angle and makes it easy to form a near net shape
over a wide range, from small to large parts, by replacing the
mold.

Material Characteristics of CMC [4]

As the test piece for evaluating the material characteristics
of the CMC combustor liner, a fiber-oriented pre-preg sheet
was laminated by deflecting at a specified angle and this fiber-
laminated material was composited by the polymer impregna-
tion and pyrolysis (PIP) method to obtain a sheet of CMC,
from which the test piece was taken. The fiber used was Si-Ti-
C-O fiber (Tyranno Lox M-85 from Ube Industries Ltd.). The
fiber has a carbon surface layer that becomes the fiber/matrix
interface layer during compositing. Polycarbosilane (PCS) was
used as the matrix precursor polymer. A tensile strength test at
room temperature was used as the characteristics evaluation test
and the relationship between tensile characteristics and fiber
orientation angle was found. The fiber orientation angle of the
test piece was set at seven values, in the range of 0° to +82.5°,
which included +22.5°, which is equivalent to the combustor
liner forming angle. The relationship between tensile strength

(CALENDAR YEAR)

1993 2000 | 2001 | 2002

MARCH

1994 | 1995 | 1996 | 1897

MARCH

1998 | 1999

PHASE |
(PRELIMINARY TECHNOLOGY MARCH
DEMONSTRATION)

PHASE I
(COMPONENT / SYSTEM TEST)

Fig. 3 AMG research and development schedule
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Fig. 4 Conceptual configuration of the AMG combustor

and fiber orientation angle is shown in Fig. 5. Tensile strength
decreased as the orientation angle increased and tensile strength
approached zero when the fiber orientation angle exceeded 75
deg. Regarding the material strength of the combustor liner, the
tensile strength at an angle (about 20 deg) equivalent to the
fiber orientation angle of the combustor liner is believed to be
about 250 MPa. When we subjected the experimental material
to a separate frexural strength test we found virtually no differ-
ence in strength between RT (room temperature) and 1473K.
Based on this, we concluded that the results at RT discussed in
this paper also apply at 1473K, which is in the liner’s operating
temperature range.

Thermal Stress Analyses in CMC Combustor Liner

The thermal stress generated when a combustor fitted with a
CMC combustor liner is operated was estimated by numerical
analysis using representative characteristic values of the trial-
produced composite materials, aiming at clarifying the question
of strength in the application of the composite material in a
combustor liner.

+d ,_ d; Fiber orientation
A A
——
Loading
direction

(- Tensite

g 8

Tensile Strength (MPa)
8

o 1 1 1 1 i 1 1

0 10 20 30 40 50 60 70 80 20
Fiber Orientation (X Deg.)

Fig. 5 Relationship between tensile strength and fiber orientation of
trial-produced composite material
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Fig. 6 Thermal stress analysis model of CMC combustor liner

The thermal stress analysis model and analysis method were
studied in accordance with the basic design specifications of
the CMC combustor liner. As the combustor liner, to be the
subject of analysis, a model was created using axis symmetric
solid elements. For the tie-in part between the liner and the
swirler, a spring-type fitting structure was used with the aim of
relieving the thermal stress arising from the difference in the
thermal expansion rates of SiCF/SiC and TiAl, and a model
was produced vsing linear spring elements. The model used for
analysis is shown in Fig. 6.

The temperature distribution in the liner’s axial direction and
the liner’s thickness direction was found by means of heat trans-
fer analysis using heat boundary conditions that were estimated
based on the results of combustion tests of a metal liner. The
swirler temperature was assumed to be constant at 973K.

The analysis of heat transfer thermal stress was made using
ABAQUS analysis software, based on the material data obtained
from the characteristics test of the trial produced materials. The
material characteristics data used for the analysis are shown in
Table 1.

1 Results of Thermal Stress Analysis at Steady-State
Conditions and Discussion [4]. The results of thermal stress
analysis at steady-state conditions of the CMC liner are shown

Table 1 Material characteristics data used for analysis
Materlals sicF/sic TIAl
Orlentation
Properties | Unlts |Temperature Through Temperature
in Plane |yq thickness
Tensile
Young's GPa 1273K 100 50 873K 150
Modulus
Tensile
Poisson's — 1273K 0.16 - 873K 03
Ratio
Thermal 1273K 4.3 6.9
Expansion | x10°%K 973K 1.5
| Coetficlent 573K 42 | 50
1273K -_— 1.58
Thermat wmK —
Conductivity 1573K -_— 234
Specitic 1273K 147
Heat JkgK -
1573K 1.62
Application Parts Combustor Liner Swirler
d ; Fiber orientation
+d =22 .5 deg. _—
4 ~ Test direction
in plane
fest direction
through the thickness
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Fig. 7 Results of steady state thermal stress analysis of CMC liner for
AMG combustor

in Fig. 7. The maximum thermal stress occurred on the liner
side in the vicinity of the liner and swirler tie-in part. The peak
thermal stress did not exceed the 200 MPa set as a preliminary
criterion for the application of SiC"/SiC and was not considered
excessive stress when compared with the tensile strength (about
250 MPa) obtained through the characteristics evaluation of the
trial-produced composite material. The value of the maximum
thermal stress was 170 MPa for the outer liner and 146 MPa
for the inner liner at the respective material temperatures of
approximately 1350K and 1300K. The maximum main stress
direction was in the circumferential direction and the liner’s
thermal stress was believed to be mainly hoop stress. Therefore,
applying SiC*/SiC in the combustor liner should present no
problem.

In this analysis, a spring constant equivalent to that of a
practical material was used and it would be possible to reduce
thermal stress caused by replacing the spring with one with a
lower spring constant.

Through thermal stress analysis during steady combustion of
a model in which the material was applied as the combustor
liner, the thermal stress generated was found to be less than the
material strength. These results suggest the suitability of using
SiCF/SiC as the combustor liner.

2 Results of Thermal Stress Analysis at Transient Con-
ditions and Discussion. As thermal stress analysis while sim-
ulating the combustor in operation, we analyzed heat transfer
thermal stress under transient conditions when the combustion
state shifted from idle combustion to design point combustion
and from design point combustion to idle combustion. For the
analysis, the heat boundary conditions were varied in stages
by assuming that the shift in combustion state between idle
combustion and design point combustion would be immediate.

The results of analyzing heat transfer and thermal stress were
collated by focusing on the center point of the region where the

Inside
Combustion-side]

inside
Combustlon-side]

Outer Liner

Liner and Swirler
Tle-In Part

Fig. 8 Focal points of temperature and stress

Transactions of the ASME

Downloaded 02 Jun 2010 to 171.66.16.118. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Deslign Polnt - die

Combustion Combustl
160 ]
§1oo‘§§th ]
- soE b OO O——0H ¥
0F : :
g : -~ — P
» 50 5 ]
&100 ¢ : ]
- ; 3
-160 | :
-m.:llll it LAl Lt L2 i Y CIE RN ) Adodd.
0 & 10 16 20 26 30 365 40

Idie — Deslgn Point

Qm_on Combustion
200 T T T T T T T
160 f 3
~ 100 :_ H QO] (e ;
B 5o | ]
fws ]
E 0 3
50 :
E-'°° A i - 3
-160 | :
_m E Y Lid ittt ot s g o b s i bs a8 a 114:
0 § 10 16 20 286 30 8 40

Time( sec)

—e&—Inslde (Combuulon-oldoj Time ( soc)
~—O0— Outslide

Fig. 9 Results of transient thermal stress analysis of CMC liner for AMG combustor

combustion gas temperature is assumed to reach the highest
point and the tie-in point between the liner and the swirler. The
location of these focal points are shown in Fig. 8. The heat
transfer analysis confirmed that the liner temperature reached
the highest level at the focal point (the center of the region
where the combustion gas temperature reaches the highest
level).

The analysis of thermal stress under transient conditions as
the combustion state varied between idle combustion and design
point combustion revealed that, due to the difference in the
change of temperature between the liner surface and the inside
of the liner’s wall, the peak thermal stress appears several sec-
onds after the combustion state shifts in the combustion side of
both the inner and outer liner. The peak thermal stress did not
exceed the maximum thermal stress in the steady-state analysis.
Therefore, applying SiC¥/SiC in the combustor liner should
present no problem. Changes in thermal stress over the passage
of time at the focal point of the inner liner is shown in Fig. 9
as examples of the analysis of thermal stress under transient
conditions.

Evaluation of CMC Combustor Liner in Combustion
Test

1 Method for Producing the Liner. The liner was pro-
duced by filament winding molding and the polymer impregna-
tion and pyrolysis (PIP) method using a low-oxygen silicon
carbide fiber (product name: Tyranno LoxE) from Ube Indus-
tries Ltd. as the reinforcement fiber and polycarbosilane (prod-
uct name: Nipushi} from Nippon Carbon Co. Ltd. as the matrix
precursor polymer. The fiber orientation of the liner was about
+20 deg as shown in Fig. 10. Neither a fiber coating nor seal

d ; Fiber orientation
=*20°

Fig. 10 Fiber orientation of CMC liner for AMG combustor
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coat for oxidation resistance was applied to the prototype liner.
We are currently testing a fiber coating and seal coat applied
using a process developed by Kawasaki Heavy Industries Ltd.
for durability and other properties.

2 Method for Evaluating the Combustion Test. To
evaluate the applicability of the prototype combustor liner made
of composite material, we produced a CMC combustor liner,
subjected it to a combustion test, and looked for changes in
its basic characteristics after the combustion test by observing
external appearance and measuring the dimensions and weight
of the prototype composite liner before and after the test. Re-
strictions on liner shape and dimensions made it impossible for
us to use NDE such as X-ray CT scanning. Neither a strength
test nor structure examination, in which the liner needs to be
cut to take samples, was conducted because a combustion test
was to be performed following the damage assessment.

The prototype liner made of composite material was assem-
bled to the combustor body and a combustion test was con-
ducted. A diagram and view of the assembled combustor are
shown in Fig. 11 and Fig. 12. The combustion test consisted

Fig. 11 Schematic view of combustion test equipment
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Fig. 12 External view of combustion test equipment

of methane combustion under such combustion conditions
that the combustor outlet gas temperature would reach the
AMG target temperature of 1873K. The test conditions are
shown in Fig. 13.

Combustion was repeated at ten-minutes intervals because
the fuel cylinder had to be replaced after each combustion. The
cycle of combustion and pause was repeated 18 times and the
high-temperature retention time was about three hours. The state
of combustion viewed from behind the combustor outlet is
shown in Fig. 14. The temperature of the liner during the com-
bustion test was measured with a thermocouple fitted near the
dilution hole on the inner surface (combustion gas side) of the
outer liner.

3 Results of Combustion Test and Discussion. Upon
completion of the test, the external appearance was observed
and the liner’s dimensions and weight were measured to analyze
changes from the pre-test condition.

The changes in external appearance are shown in Fig. 15.
The inspection of external appearance revealed that no abnor-
malities like cracking or lamination had occurred but the surface
on the combustion gas side had turned blue due to the formation
of an oxide layer.

Regarding dimensions, we measured the liner’s inlet and out-
let diameter, thickness, and overall length at eight points in the
circumferential direction and compared the values before and
after the test. The changes in dimensions are shown in Fig. 16.
A fairly large degree of change was seen at each measuring
point. However, we believe this was due to undulations caused
by the reinforcement fiber flux appearing on the surface, produc-
ing changes in the circumferential direction. The measuring
points in the circumferential direction were not especially uni-
form before and after the test and the effect of the undulations

Test Conditions

Wa : 0.5 kg/s

Inlet Gas Temp. : 798 K
Pressure : Atomosphere 0.033
AfF : 30 (AFF
Fuel : Methane =30)
Exhaust Gas Temp. : 1873K

(Resautt)

Liner Temp. : about 1473K
(hot side surface of Quter ['] ==
Liner)

FA _

10minutes 10minutes

Combustion Pattern

Fig. 13 Combustion test conditions
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Fig. 14 State of combustion viewed from behind the combustor outer

in the surface must be taken into account regarding the changes
in dimensions.

Due to those undulations, the measuring precision is believed
to be =1 mm and the measuring precision in comparing the
dimensions before and after the test is believed to be about
double that figure, =2 mm. When the results of measuring the
dimensions are compared by taking into account measuring
precision, the amount of change before and after the test falls
within the measurement tolerance range, so it can be said that
there was no deformation during the combustion test.

The changes in weight are shown in Fig. 17. Although there
was a slight (10 g) change in weight, we believe the true weight
changed very little during the combustion test, after taking into
account the change in weight caused by coating of the thermo-
paint and the change in weight due to the sample being weighed
when in a dry state. Apart from the combustion test, a hot-
rig test simulating a combustion test was conducted using a
cylindrical model test piece to perform microstructural and pow-
der X-ray analyses. In the test, no SiO2 was detected. From
this result, we concluded that there was no increase in weight
due to SiC oxidation in the short-time combustion test.

In the combustion test, although the combustion period was
brief, the SiCF/SiC liner suffered no changes in characteristics
during combustion using gas fuel. Therefore, we believe the
applicability of SiCF/SiC in the combustor liner was confirmed.
This was a first phase, short-time combustion test using methane
conducted to gauge the performance of the prototype combustor.
Preparations are being made for second-phase combustion tests
using kerosene.

Conclusions

To evaluate the applicability of CMC in the combustor liner,
we evaluated the material characteristics of SiC/SiC as a can-
didate CMC material of the combustor liner, we estimated the
amount of stress generated in a model SiCF/SiC combustor
liner by analyzing thermal stress during combustion and we
subjected an actual SiC*/SiC combustor liner to a combustion
test. The followings is a summary of the results.

1 In the evaluation of the material characteristics of the CMC
combustor liner, the tensile strength of the trial-produced SiC"/
SiC for the combustor liner declined as the fiber orientation
angle increased. At the fiber orientation angle for liner forma-
tion, it had a tensile strength of about 250 MPa at RT. Based
on other test results, we concluded that the results at RT also
apply at the liner’s operating temperature range.

2 In the analysis of heat transfer thermal stress under steady-
state conditions, the thermal stress generated during steady com-
bustion of the SiC*/SiC combustor liner generated a maximum
hoop stress in the vicinity of the swirler tie-in part. The peak
thermal stress did not exceed the material’s strength and did
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not exceed the stress set as a preliminary criterion for applica-
tion. The value was 170 MPa on the outer liner and 146 MPa
on the inner liner.

3 In the analysis of heat transfer thermal stress under transient
conditions, the peak thermal stress in the SiCF/SiC composite
material generated during the transition between idle combus-
tion and design point combustion did not exceed the maximum
thermal stress in the steady-state analysis.

4 In the combustion test lasting for about three hours with
the combustor outlet gas temperature at 1873K, the SiCF/SiC
composite material liner suffered no changes in characteristics.
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Fig. 17 Results of combustion test (measurement of weight)

Based on these results, we have confirmed the applicability
of SiC"/SiC composite material to the combustor liner for the
AMBG project.

In the future, we intend to develop a CMC combustor liner
with superior strength reliability by evaluating the durability
of SiCF/SiC, improving the process to increase strength, and
improving the structure to reduce thermal stress, and to subject
the prototype liner to a combustion test using liquid fuel.
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at elevated temperatures has been made by using constant stress-rate ( ‘‘dynamic
fatigue’’) testing with a series of ‘‘ultra’’ fast test rates. The test materials included
Sour monolithic and one SiC whisker-reinforced composite silicon nitrides. Of the
five test materials, four silicon nitrides exhibited the elevated-temperature strengths
that approached their respective room-temperature strengths at an “‘ultra’ fast test

rate of 3.3 X 10* MPa/s. This implies that slow crack growth responsible for elevated-
temperature failure can be eliminated or minimized by using the “‘ultra’’ fast test
rate. These ongoing experimental results have shed light on laying a theoretical and
practical foundation on the concept and definition of elevated-temperature ‘‘inert’”’
strength behavior of advanced ceramics.

Introduction

The inert strength of a brittle material at ambient temperature
is typically regarded as free of the effects of slow crack growth
(or delayed failure or subcritical crack growth) due to stress
corrosion. Hence, the inert strength of a ceramic material or
glass is considered as the maximum attainable or ultimate
strength for a given flaw configuration. The inert strength at
ambient temperature can be determined either by eliminating
active species, especially moisture, with an appropriate inert
medium (liquid nitrogen, dry nitrogen gas, or oil), or by using
very high test rates. The use of very high test rates can minimize
or eliminate the time for slow crack growth by inducing failure
at a rate faster than the rate of stress corrosion at the crack tip.

However, at elevated temperatures, the concept or definition
of *‘inert’” strength is not explicit, since temperature itself acts
as an environment, resulting in strength degradation through
slow crack growth and/or creep. The mechanism that has been
attributed to the slow crack growth of advanced ceramics at
elevated temperatures is grain boundary sliding controlled by
the viscous flow of the intergranular phase, and is known to be
rate-dependent [1-10]. Therefore, the only conceivable way to
determine the ‘‘inert’’ strength at a given temperature is to
utilize very fast test rates that minimize the time for or eliminate
slow crack growth. Few experimental studies have been made
regarding the measurements of elevated-temperature, ‘‘inert’’
(or ‘“‘ultra’’ fast fracture) strength of advanced ceramics. This
is in part due to the fact that conventional testing machines are
incapable of very high-rate testing, coupled with inadequate
data acquisition system as well as safety concerns. Commonly,
a maximum test rate of about 0.5 mm/min or 5 mm/min has
been used to determine elevated-temperature strength of ce-
ramic materials [1, 4, 8, 9, 11~19]. The strength determined
at this test rate has been called ‘‘fast’’ fracture strength, im-
plying that the obtained strength is presumably a maximum
attainable or ultimate strength of the material at the temperature.

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-5, 1998. Manuscript received by the ASME Headquarters April
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The experimental study to better understand ‘‘inert’” or ‘‘ul-
tra’’ fast fracture strength behavior of advanced ceramics at
elevated temperatures is in progress at the NASA Lewis Re-
search Center using digitally controlled test frames. A total of
twelve advanced ceramics, one alumina, ten silicon nitrides,
and one silicon carbide, have been tested to date using constant
stress-rate ( ‘‘dynamic fatigue’’) testing in flexure with a series
of very high stress rates up to 3.3 X 10* MPa/s. The test
temperatures ranged from 700 to 1371°C in air, depending on
material. Of the seven advanced ceramics previously tested [ 20,
211, one alumina and three silicon nitrides exhibited elevated-
temperature strengths that approached their room-temperature
inert strengths at ‘‘ultra’” fast stress rates of 3.3 X 10° to 3.3
X 10* MPa/s. By contrast, one carbide and two other silicon
nitrides exhibited elevated-temperature strengths 20 and 10 per-
cent lower than their respective room-temperature counterparts.
This paper, as an extension of the previous studies, summarizes
the recent experimental results on “‘ultra’ fast fracture strength
behavior of five silicon nitride ceramics at elevated tempera-
tures. The elevated-temperature strengths of each material were
determined in a range of stress rates from 3.3 X 107210 3.3 x
10* MPa/s in flexure. The measured strength data were ana-
lyzed with the analytical relations of fracture strength and criti-
cal crack size versus stress rate, in conjunction with the “‘criti-
cal’’ stress rate above which a strength convergence may take
place.

Theoretical Background

The relationship between fracture stress and stress rate in
constant stress-rate testing will be presented in this section with
a special emphasis on the very high stress-rate regime. For most
glass and advanced ceramics, the slow crack growth (SCG)
rate, either by stress corrosion at ambient temperature or by
grain boundary sliding at elevated temperatures, can be ex-
pressed by the following empirical power-law relation [2, 8,

22]
v=@:A & '
dt Kic

where v, a, and ¢ are crack velocity, crack size and time, respec-

(D
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tively. A and n are the material/environment dependent SCG
parameters, and K; and K¢ are, respectively, the applied stress
intensity factor and the critical stress intensity factor of the
material under Mode I loading. For constant stress-rate testing
which employs a series of constant loading or stress rates
(6), the corresponding fracture strength (o) as a function of
stress rate for the case of a weak threshold stress intensity for
SCG can be approximated for n = 5 as follows [23]:

O'f= [B(n + I)S?_ZU"]I/(”+1) - D[o.]l/(rm—l) (2)
where
2K}
= 3
AY*(n - 2) )

S; is the inert strength, Y is the crack geometry factor in the
relation X, = Yo,a'’? with o, being the remote applied stress,
and D = [B(n + 1)$¥ 21D The SCG parameters n and D
can be determined from the slope and intercept, respectively,
of a best-fit linear regression analysis of log o, plotted as a
function of log ¢ based on Eq. (2). Because of simplicity in
both testing and parameter estimation, a new ASTM standard
C1368 has been developed for the determination of SCG param-
eters of advanced ceramics using constant stress-rate testing in
flexure at ambient temperature [24].

Since the slow crack growth can be minimized or eliminated
at sufficiently high stress rates, the corresponding strength at
this region is expected to converge to a certain specific value,
possibly close to an inert strength of the material. The functional
form of Eq. (2), which does not indicate such an upper limit
in fracture strength at sufficiently high stress rates, is contradic-
tory to actual material behavior as well as to the exact solutions
derived from Eq. (1). In a previous study [21], the relationship
between strength and stress rate was numerically obtained par-
ticularly at very high stress-rate regime in order to determine a
critical stress rate above which a strength convergence exists.
The resulting numerical solution of normalized strength
(log o }“ ) as a function of normalized stress rate (log &*) at
different values of n is presented in Fig. 1 [21]. The normalized
critical crack size at failure as a function of normalized stress
rate can also be obtained based on the same numerical scheme
that was used for the strength-stress rate analysis. The normal-
ized variables used in the numerical solution were as follows:

J=At; or=20 cx=2, sx=T (4
Ay; S,' Ay J

where J, o*, C*, and &* are, respectively, normalized time,

normalized applied stress, normalized crack size and normalized

stress rate. ay, is the critical crack size in an inert environment

or the initial crack size. Using these normalized variables, the

power-law SCG rate (Eq. (1)) becomes

dc*
dj

= [K*]" = [oe*J(C*)'"]" (3

where K* is normalized stress intensity factor, K* = K;/Kc.
A solution of the differential equation of Eq. (5) in terms of
normalized critical crack size versus normalized stress rate was
obtained by numerical integration with required initial and insta-
bility conditions [21]. The resulting plot is shown in Fig. 2. It
is evident from Figs. 1 and 2 that with increasing stress rate
both strength and critical crack size at failure converge to, re-
spectively, the inert strength (¢ = 1) and the initial crack
size (Cf = 1), regardless of n. The corresponding stress rate
is defined as normalized critical stress rate (¢ %), where ¢ }k =
1 and C§ = 1, and can be approximated from Figs. 1 and 2 as
follows:
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ok~ 10 (6)

From Egs. (2) through (6) the non-normalized critical stress
rate becomes (also from [21])

208}
B(n —-2)

If S,, B, and n are known, the critical stress rate can be calcu-
lated from Eq. (7). Above this critical stress rate, slow crack
growth is minimized or eliminated by the extremely short failure
(or test) time. Based on Figs. 1 and 2 it is apparent that constant
stress-rate testing with a series of very high (‘‘ultra’’ fast) test
rates, including the critical stress rate, is required to reach the
strength convergence and to measure the possible elevated-tem-
perature, ‘‘inert’’ strength of the material.

)

cr

Experimental Procedure

Constant stress-rate (‘‘dynamic fatigue’”) testing for five sili-
con nitride ceramics was performed in four-point flexure at
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Table 1 Room-temperature density, Young’s modulus, fracture toughness, hardness, and strength of A2Y6, AS440, NT154, SiC whisker
(20 vol %)-reinforced composite {“Kryptonite’'), and AS800 silicon nitrides '

Material Densi Young’s Modulus, Fracture Toughness, Hardness, Strength,

(g/em®)® E (GPa)° Kc (MPay/m)° H (GPa)® | o; (MPa)®
A2Y6 SijN, 321 3003)" 7.32(0.25)" 13.9(0.2)" 701(89)"
AS440 SigN, 321 305(1) 7.30(0.30) 13.9(0.5) 773(119)
NT154 SiyN, 318 310(1) 551(0.17) 155(0.1) 793(56)
SiC,,/SisN4 323 313(3) 6.63(0.18) 17.4(0.1) 667(27)
ASB800 SiyN, 3.27 308(1) 7.24(0.23) 14.3(0.8) 778(39)

Notes:

a. By the specimen mass/volume method; b. By the impulse excitation technique (ASTM C 1259) [25];
c. By the single edge precracked beam (SEPB) method (with typically 5 specimens) {26]; d. By the Vickers
indentation (ASTM C 1327) [27); e. By four-point flexure tests (10/22 mm spans). * The parenthesis

represents + 1.0 standard deviation.

elevated temperatures in air. The materials consisted of hot-
pressed A2Y6 silicon nitride (GTE, vintage 1984), sintered
AS440 silicon nitride (AlliedSignal, vintage 1990), hot-pressed
NT154 silicon nitride (Norton, vintage 1991), 20 vol % SiC
whisker-reinforced composite silicon nitride (designated as
“‘Kryptonite’’ ™, Japan Metals & Chemicals Co. Ltd., Japan),
and sintered AS800 silicon nitride (AlliedSignal, vintage
1994). The basic physical and mechanical properties such as
density, Young’s modulus, fracture toughness, hardness and
strength of each material at room temperature were determined
and are shown in Table 1.

The nominal dimensions of all the flexural beam specimens
were 3 mm by 4 mm by 23-25 mm, respectively, in height,
width, and length. All the test specimens were annealed for 2
h at 1200°C in air, prior to testing, to eliminate any residual
stresses associated with machining. Each specimen was tested
with SiC fixtures with 10 mm inner and 22 mm outer spans
after equilibration at the test temperature for about 20 min.
The AS440 silicon nitride was tested at 1100°C in air, and the
remaining four silicon nitrides tested at 1200°C in air. The
electromechanical test frame (Model 8562, Instron) was utilized
up to stress rates of 3.3 X 10° MPa/s. However, the electrome-
chanical test frame was unable to load at stress rates greater
than 3.3 X 10° MPa/s so that the hydraulic test frame (Model
8501, Instron), which exhibited better high rate, load-controlled
than the electromechanical frame, was exclusively used for test-
ing at the highest stress rate of 3.3 X 10* MPa/s. Typically,
four stress rates ranging from 3.3 X 1072 to 3.3 X 10* MPa/s
were used for each material, with a total of five specimens at
each stress rate. The output-wave forms for stress rates greater
than 3.3 X 10 MPa/s were recorded and checked with a digital
storage oscilloscope. The room-temperature strength of each
material was also determined at 33 MPa/s in ambient air using
the same fixture that was used for the elevated-temperature
testing. Typically, a total of five to ten specimens were used
for each material at room-temperature testing. Note that room-
temperature strength of most silicon nitrides is insensitive to
test rate in ambient air, due to their significant SCG resistance
with SCG parameter n = 100.

Results and Discussion

The results of constant stress-rate testing for the five silicon
nitrides, four monolithics, and one composite, are summarized
in Fig. 3, where log o, (fracture strength) was plotted as a
function of log & (stress rate) based on Eq. (2). The room-
temperature strength for each material with £1.0 standard devi-
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ation was also plotted for comparison. The four materials except
AS800 exhibited an increase in strength with increasing stress
rate, which represents susceptibility to slow crack growth. The
value of n for each material was determined by a linear regres-
sion analysis using the mean strength data, based on Eq. (2)
together with the data presented in the figure. The resulting
SCG parameter n was n = 22.7 = 4.0, 24.6 = 1.3, 458 *+ 6.0,
and 37.5 + 4.0, respectively, for A2Y6, AS440, NT154, and
the composite (‘‘Kryptonite’’). It is important to note that all
four silicon nitrides exhibited strengths at an ‘‘ultra’ fast stress
rate of 3.3 X 10* MPa/s that approximated (within 5 percent)
their room-temperature strengths. By contrast, AS800 exhibited
a significant resistance to SCG with a very high SCG parameter
n = 154 + 77. Furthermore, the corresponding ‘‘ultra’’ fast
strength of AS800 did not approach the room-temperature coun-
terpart.

To better represent strength degradation as well as strength
approach behavior in more details, the elevated temperature
strengths of each material were normalized with respect to the
corresponding room-temperature strength, to give the ‘‘re-
duced”’ strength, o¥. The ‘‘reduced’’ strength was defined as
follows [21]:

O riuT

(8)

of =
O fiRT

where oyr and ojgr are elevated and room-temperature
strengths, respectively. The resulting plots of ‘‘reduced’
strength as a function of stress rate are depicted in Fig. 4. The
maximum ‘‘reduced’’ strengths of A2Y6, AS440, NT154, the
composite (‘‘Kryptonite’’) and AS800 silicon nitrides at 3.3 X
10* MPa/s were ¢ ¥ = 0.97, 0.98, 1.05, 0.96, and 0.86, respec-
tively. The results in Fig. 4 also indicates that the strength
increase from the conventional test rate (of the order of 3 X
10! MPa/s or 0.5 mm/min) to the ‘‘ultra’’ fast stress rate of
3.3 X 10* MPa/s was appreciable: o ¥ increased from 0.67 to
0.97 (45 percent increase) for A2Y6, 0.74 to 0.98 (32 percent
increase) for AS440, 0.92 to 1.05 (14 percent increase) for
NT154, and from 0.79 to 0.96 (22 percent increase) for the
composite, respectively. However, no strength increase was ob-
served for AS800, due to its very high SCG parameter n = 154
(i.e., no slow crack growth).

The critical stress rate was determined from Eq. (7) with the
evaluated SCG parameters n and D (hence, B) and the room-
temperature strength (S; ) of each material. The resulting critical
stress rate was &, = 7 X 10°%, 1 x 105, 1 X 10° MPa/s, 1 X
10°, and 4 X 10" MPa/s, respectively, for A2Y6, AS440,
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best-fit lines based on Eq. (2). The error bars repreaent +1.0 standard deviation. The room-temperature inert strength with +1.0 standard deviation
(“RT”) was included for comparison. The arrow in the “stress rate” axis indicates the conventional test rate (of the order of 3 X 10" MPa/s or 0.5

mm/min).

NT154, ““‘Kryptonite,”” and AS800. This is an order of magni-
tude greater than that estimated from the actual data shown in
Fig. 3 or Fig. 4. However, if the normalized critical stress rate
is taken as ¢% = 10° instead of ¢% = 10' in Eq. (6), based
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on Fig. 1 for n = 20, the calculated and estimated values are
in good agreement, implying a reasonable prediction by Eq.
(7). The extreme value of &, (=10 MPa/s) exhibited by
AS800 was attributed to the very high SCG parameter .

JANUARY 1999, Vol. 121 / 21

Downloaded 02 Jun 2010 to 171.66.16.118. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



2 T T ] T I 1 1 ] !
*
B
5 1
;: 0.9} ]
% 0.8 | ]
- A T
E 0.7
2 o6 i
& ost |
8 .l Y Aseoo:1209°c |
3 . A A2Y6:1200g
o) O AS440;1100 C
a 0.3 Conventional O SiC_/8i,N 11200°C ]
© test rate w3 4y
& NT154;1200 C
0.9 | | | ] ! ! ] ] 1

1073107210~ 10° 10" 10% 10% 10* 10° 10% 107

STRESS RATE, & [MPa/s]

Fig. 4 A summary of “reduced” strength as a function of stress rate for
five silicon nitrides (A2Y6, AS440, NT154, “Kryptonite,” and AS800) from
this study

Figure 5 shows a summary of the “‘reduced’’ strength as a
function of stress rate determined previously for the seven ad-
vanced ceramics, one alumina, five silicon nitrides, and one
silicon carbide [20, 21]. The 96 wt % alumina and the three
silicon nitrides (GN10 monolithic, GN10 SiC whisker (30 vol
%) reinforced composite, and NCX34 monolithic) exhibited
the elevated-temperature strengths approximately close to the
corresponding room-temperature counterparts. The ‘‘reduced”’
strengths at stress rates =10° MPa/s were o¥ = 0.95, 0.96,
1.00, 0.99, respectively, for 96 wt% alumina, GN10, GN10
composite and NCX34 silicon nitrides. By contrast, the maxi-
mum ‘‘reduced’’ strengths obtained at 3.3 X 10* MPa/s for
SN252 and NC132 silicon nitrides and NC203 silicon carbide
were o = 0.89, 0.90, and 0.80, respectively. However, the
strength increase from the conventional test rate to the ‘‘ultra’’
fast stress rate (3.3 X 10* MPa/s) was remarkable for these
materials, similar to the A2Y6, AS440, NT154, and the compos-
ite silicon nitrides observed in this study (see Fig. 4): the per-
centage of increase was 27, 41, and 18 percent, respectively,
for SN252, NC132, and NC203.

All of the experimental results for the four silicon nitrides
ceramics (except AS800) in this study as well as for seven other
ceramics previously studied [ 20, 21] show that, notwithstanding
possible changes in flaw populations at elevated temperatures,
the strength at 3.3 X 10* MPa/s approached a specific value
close to the room-temperature strength or reached a higher value
than that measured at the conventional test rate of the order of
3 X 10' MPa/s. Elevated-temperature SCG as well as creep is
known to be a rate-dependent process occurring by viscous flow
of the grain boundary phase [1-10]. If an extremely high-test
rate is used, creep and/or possibly oxidation could be mini-
mized due to the extremely short test time (10—20 ms), thereby
resulting in SCG as a unique failure mechanism. The fact that
the elevated-temperature strengths of at least eight materials
tested at 3.3 X 10* MPa/s approached the room-temperature
counterparts indicates not only that SCG was minimized but
also that grain softening, which can also control strength, was
insignificant.

This ongoing study on elevated-temperature, ‘‘ultra’’ fast
fracture strength of advanced ceramics repeatedly casts some
insight into fracture toughness behavior of the materials at ele-
vated temperatures. As stated in the previous study [21], ele-
vated-temperature fracture toughness, like strength, is regarded
to be controlled by flow characteristics of the grain boundary
phases, so that it is rate dependent. Therefore, if rate dependency

22 / Vol. 121, JANUARY 1999

is eliminated using a, very high test rate and if the grains remain
rigid, the fracture toughness may not be so dependent on tem-
perature, as postulated for the ‘‘ultra’ fast fracture strength
behavior. In fact, for many silicon nitride and silicon carbide
ceramics, their values of fracture toughness exhibit no signifi-
cant variation from room temperature to 1200 or 1300°C [21].
The same speculation may be applicable to an elevated-tempera-
ture Young’s modulus of advanced ceramics.

Based on the experimental data to date as well as the numeri-
cal solution, it can be stated that the elevated-temperature *‘in-
ert’’ strength of an advanced ceramic material can be ‘‘de-
fined,”’ although tentative, as a strength whereby no slow crack
growth occurs at the temperature. In addition, the elevated-
temperature ‘‘inert’’ strength of a material would be close to
its room-temperature counterpart, and may be obtained using a
series of ‘‘ultra’’ fast stress rates =10* MPa/s. This can be
better verified if test frames are able to run at test rates faster
than the critical stress rates, 10°~10" MPa/s, particularly for
the materials that showed some strength degradation (10-20
percent) at 3.3 X 10* MPa/s. The current, digitally controlled
test frames, however, were unable to achieve stress rates faster
than 3.3 X 10* MPa/s [21]. It is also believed that more than
one test temperature, probably ranging from 1100 to 1400°C,
depending on material, are required for laying a better founda-
tion on the concept and/or definition of elevated-temperature
“‘inert’’ strength of a material.

Typical examples of strength degradation with respect to test
temperature is shown in Fig. 6, where the ‘‘reduced’’ strength
of the NT154 silicon nitrides was plotted for two different test
rates of the orders of 10! MPa/s (conventional ) and 10* MPa/
s (“‘ultra’ fast). The ‘‘ultra’’ fast strength of NT154 was ob-
tained additionally at 1371°C, with a total of five specimens.
The figure also includes the ‘‘reduced’’ strength data of 96 wt%
alumina for a wide range of stress rates, reconstructed from
the previously published data [21]. A remarkable difference in
strength degradation between the ‘‘ultra’” fast and the conven-
tional test rates is evident. The NT154 silicon nitride exhibited
almost no strength degradation up to 1371°C at the ‘‘ultra’® fast
stress rate of 3 X 10* MPa/s; whereas, a significant strength
degradation occurred if the conventional test rate of 3 X 10
MPa/s was used. The similar behavior was true for the 96 wt
% alumina, as seen in the figure. Therefore, entirely different
information on strength degradation behavior could be obtained
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Fig. 5 A summary of “reduced"” strength as a function of stress rate for
seven advanced ceramics determined from the previous studies: GN10,
NCX34, and GN10 composite (30 vol % SIC whisker-reinforced) silicon

nitrides [20]; alumina, NC132 and SN252 silicon nitrides and NC203 sili-
con carbide [21].
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if one adopts different stress rates. At least two (highest and
lowest) or three stress rates (highest, intermediate, and lowest),
depending on the degree of SCG susceptibility of a material, are
recommended to completely characterize elevated-temperature
strength behavior of the material, as suggested previously [20,
21].

The SCG parameter A in Eq. (1) is usually calculated from
Egs. (2) and (3) as follows:

4 = 2KicSI (0 + 1)
Dn+1y2(n _ 2)

This equation indicates that the SCG parameter A is a strong
function of ‘‘inert”’ strength for a given material/load/environ-
ment system. Because of the functional form of Eq. (9), a
significant difference in A can be made if one uses S; from the
conventional ‘‘fast’’ fracture strength data rather than from the
“‘ultra’” fast (or room temperature) strength data. Figure 7
shows the results of such a difference in crack velocity (Eq.
(1)) between the two different “‘inert’’ strengths (*‘‘fast’’ frac-
ture and ‘‘ultra’’ fast) for the A2Y6 monolithic and the compos-
ite (*‘Kryptonite’*) silicon nitrides at 1200°C. As seen in the
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Fig. 6 Typical examples of “reduced” strength of NT154 silicon nitride
and 96 wt % alumina [21] as a function of temperature, obtained at
different test rates including “‘ultra” fast test rate (3.3 x 10* MPa/s) and
at conventional “fast” test rate (of the order of 3 x 10" MPa/s). The
conventional ‘fast” fracture strength data for NT154 were quoted from
[28].
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Fig. 7 Slow crack growth rate curves (Eq. (1)) using the two different
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s (“Low S;”) for A2Y6 monolithic and “Kryptonite” composite silicon
nitrides at 1200°C.

figure, the lifetime parameter (A) using the strength determined
at the “‘ultra’ fast test rate is almost three order of magnitude
greater than that using the conventional *‘fast’’ fracture strength
at 3 X 10' MPa/s. This demonstrates a significant influence of
elevated-temperature ‘‘inert’’ strength on the determination of
life prediction parameter. The use of the conventional ‘‘inert’’
strength could result in unrealistically conservative life/reliabil-
ity estimates.

Conclusions

The elevated-temperature strengths of A2Y6, AS440 and
NT154 monolithic and 20 vol % SiC whisker-reinforced com-
posite silicon nitrides approached approximately (within 5 per-
cent) the room-temperature strengths at an “‘ultra’” fast stress
rate of 3.3 X 10* MPa/s. One exception to this was AS800
silicon nitride that exhibited a significant resistance to slow
crack growth. The overall behavior for the four silicon nitride
ceramics (except AS800) is consistent with that of the three
different silicon nitrides and one alumina obtained previously
[20, 21]. Based on the experimental data to date as well as the
analytical approach, it can be tentatively stated that elevated-
temperature ‘‘inert’’ strength can be defined as a strength with
no slow crack growth and can be estimated with “‘ultra’ fast
stress rates =3 X 10* MPa/s, In order to lay firmer foundation
of the concept and definition of elevated-temperature ‘‘inert’’
strength, however, a series of ‘‘ultra’’ high test rates including
the critical stress rate, 10° to 107 MPa/s, would be required.
Because of slow crack growth, at least two or three stress rates
are recommended to characterize the complete, elevated-tem-
perature strength behavior of a given material. The importance
of appropriate use of elevated-temperature ‘‘inert’’ strength
should be considered in life prediction estimation/reliability of
advanced ceramics.
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steam-injected gas turbine, and combined cycles) of a 5 MW stand-alone power
station were modeled and a 20 MW biomass-based integrated gasifier combined-
cycle cogeneration facility at a sugar factory was simulated. Information gained
from these analyses will be applied to determine whether biomass gasification-based

electricity production is practicable in Hawaii and other sugar producing locales.

Introduction

Imported fossil fuels account for nearly 95 percent of the
energy consumed in the State of Hawaii. Electricity prices in
Hawaii are the third highest in the U.S., and utility gas and
gasoline prices are the highest in the nation. Moreover, oil price
shocks, such as the crisis experienced in the early 1970s, pose
a major threat to local industry and the economy. Diversification
of the energy mix by incorporating renewable resources can
promote economic stability by reducing the reliance on fossil
fuels.

The utilization of biomass resources to produce electricity
and transportation fuels has other far reaching benefits. Produc-
ing fast-growing energy crops for dedicated biomass-to-energy
conversion can expand markets for agribusiness, and growing
and consuming biomass on a sustained basis does not contribute
to the greenhouse effect because net CO, emissions are nil (over
the life cycle). Biomass residues are the least costly and most
readily accessible type of biomass available. The use of agricul-
tural residues and wastes, such as sugar cane bagasse, for energy
conversion can reduce land disposal problems and emissions
associated with open-field burning. The processing of sugar
cane results in a feedstock ideally suited for thermal energy
conversion processes (since alkali content, moisture, and parti-
cle size are reduced in the milling process).

Biomass gasification, the thermochemical conversion of a
solid fuel into a fuel gas, has the potential to offer clean, eco-
nomically competitive power when coupled to advanced fuel-
based power generation systems. To investigate this potential,
two case studies for biomass-to-electricity conversion were
identified and thermodynamic analyses of biomass gasifier-
based electric power stations were conducted. Power systems
at two scales, nominally 5 and 20 MWe (net electric power
output), located at Hawaiian sugar cane factories, were modeled
using the ASPEN PLUS™ Process Simulation software pack-
age to determine performance and process information. Infor-
mation from these analyses can be used to evaluate the potential
for commercial applications of biomass gasifier-based power
generation in local and global markets.

Overview of Power Stations and Analysis Results

The two scales of power stations analyzed in the present
investigation have been targeted for near-term commercializa-
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tion. The Hawaiian Commercial and Sugar Company Paia
(HC&S-Paia) sugar factory on the island of Maui and the Gay
and Robinson Company sugar factory at Olokele (Olokele/
G&R) on the island of Kauai were chosen to model the 5 and
20 MWe power plants, respectively. Technical issues, such as
suitability and availability of feedstock and compatibility with
host operation, were factors in power-station site selection. Eco-
nomic issues unique to each site were also considered. For
example, the HC&S-Paia factory is the site of a demonstration
scale, 90 bone-dry tonne per day (TPD) biomass gasification
facility (Kinoshita et al., 1996).

Integrating a power station with the HC&S-Paia sugar factory
may not be justified given the lack of economies of scale inher-
ent to small (~5 MWe) power plants. A more likely scenario
for a power plant of that scale is a separate facility which
generates only electric power for export, without returning
steam or other forms of process energy to the host facility. The
factory might, however, be required to supply steam to the
power station. By contrast, a 20 MWe power station fully inte-
grated with the sugar factory would be advantageous owing to
the large demand for biomass feedstock and support services
and economies of scale inherent to larger power stations. This
type of power station would provide steam to the factory for
sugar cane processing and in-house mechanical power require-
ments.

Operating parameters of specific power-system components
and processes served as the basis for plant configuration. Stan-
dard unit operation models available from ASPEN PLUS™
were used to simulate plant components, including the gasifier,
gas turbine, and steam turbine, and input data, such as mass
flow, pressure, temperature, and turbine efficiencies, were speci-
fied for these components. Although extensive optimization was
beyond the scope of the present investigation, sensitivity analy-
ses were performed and different configurations and state points
were examined.

5 MWe Power Station—HC&S-Paia Sugar Factory

Overview. The 5 MWe stand-alone power station at HC&
S-Paia was modeled as a biomass-based integrated gasifier com-
bined-cycle (BIGCC) power plant as shown in Fig. 1. Approxi-
mately 90 TPD of run-of-the-mill bagasse at 45 percent mois-
ture content is supplied by the factory. Flue gas exiting a heat-
recovery steam generator (HRSG) is used in a rotary drum
dryer to reduce bagasse moisture content to 20 percent. Flue
gas drying of bagasse has been used by the cane sugar industry
for nearly twenty years (Kinoshita, 1991a). Bagasse, having a
higher heating value (HHV) of 18.9 MJ kg~! (dry basis), is
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Fig. 1 Process flow diagram of 5 MWe Base Case BIGCC power station
at HC&S-Paia

separated from the flue gas in a cyclone before being transported
to a lockhopper feed system.

The gasifier is a 10:1 scale-up of the Renugas® Process De-
velopment Unit (PDU) developed by the Institute of Gas Tech-
nology (IGT). Gasifier operating conditions (including the
equivalence ratio and the steam:biomass ratio) and product gas
composition, yield, and temperature are based on IGT extrapola-
tions of the PDU operating at anticipated commercial conditions
as summarized in Table 1 (Institute of Gas Technology, 1996).
Gasification air is supplied by a booster compressor that pressur-
izes a portion of the air exiting the gas turbine compressor.
Steam at 23 bar and 235°C is provided by the sugar factory for
gasification. In the present analysis, the hot-gas cyclone and hot-
gas cleanup unit (HGCU) removes 95 percent and 5 percent,
respectively, of the char produced during gasification. Experi-
mental data suggest that tars and oils account for about 1 percent
of the mass and add roughly 10 percent to the heating value of
gasified bagasse (dry basis) generated by a pressurized, fluid-
ized bed gasifier. Tars and oils were neglected in the analyses
to simplify modeling and to be conservative in estimating the
heating value of the gasifier product gas. It was assumed that
temperature and pressure drops across the hot-gas cyclone are,
respectively, 11°C and 0.7 bar and across the HGCU are 17°C
and 2.8 bar.

Attemperation of the product gas exiting the hot-gas cyclone
is accomplished by a direct water quench to cool the gas below
538°C; this is done to facilitate condensation of alkali vapors
onto char particles (Craig and Mann, 1996) and to satisfy tem-
perature constraints of key downstream components. Char and
alkali compounds are removed from the gas stream by the
HGCU to ensure that levels are within gas turbine specifications.
Combustor and gas turbine working surfaces are subject to cor-
rosion induced by alkali vapors. Experimental results (Westing-
house Electric Corporation, 1995; Turn et al.,, 1996) indicate
that alkali gettering systems may be needed to effect adequate
removal.

Complete combustion of product gas is assumed to occur
in the gas turbine combustor. Excess air for combustion was
determined by targeting an assumed turbine inlet temperature
(979°C) inferred from published specifications for an Allison
Engine Company 501-KB7 gas turbine (Gas Turbine World
1996 Handbook, 1996). Pressure ratio and mass flow are also
comparable to manufacturer specifications. Gas turbine com-
pressor stage intercooling was assumed; however, detailed mod-
eling of turbine expander stage cooling by air extraction was
not performed. Gasifier air compressor isentropic efficiency and
gas turbine-generator unit efficiency were both assumed to be
85 percent. (Turbine-generator unit efficiency accounts for irre-
versibilities within the turbine as well as losses associated with
mechanical-to-electrical energy conversion.) Gas turbine ex-
haust provides the thermal energy for steam production in the
HRSG. The amount of steam produced in the HRSG was con-
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strained by the minimum temperature of the dryer exhaust gas;
i.e., available thermal energy for steam production was limited
such that the dryer exit gas (at 93°C) remained sufficiently
above the dew point. Steam having 56°C of superheat is ex-
panded through a full-condensing steam turbine-generator hav-
ing a unit efficiency of 80 percent.

Five percent of the gross electrical output of the steam turbine
is assumed to be consumed by pumps and related motors of the
steam bottoming cycle. Motors, fans, pumps, and miscellaneous
equipment installed at the plant, including feedstock preparation
and handling equipment and inert gas supply components, were
assumed to consume 70 percent of the nameplate power require-
ments.

Results. Process conditions and performance information
for the Base Case 5 MWe BIGCC power station are summarized
in Table 2. Expansion of 19 kg s ' of combustion products at
946°C through a gas turbine-generator operating at a pressure
ratio of 13.1 produces 4.5 MW of net power. Gas turbine ex-
haust at 471°C generates roughly 8,300 kg h™' of steam in the
HRSG. About 1.5 MW of net power is produced as the steam
expands through the full-condensing steam turbine-generator to
an exit pressure of 0.14 bar. The net power output (gas and
steam-generator net power outputs, less gasifier air compressor
and plant ancillary power requirements) of the Paia BIGCC
power station is 5.5 MW, with a plant efficiency of 27.6 percent
(13,065 kJ kWh™!). Plant efficiency is defined as the net elec-
tric power output divided by the bagasse energy content (HHV
basis).

Operating and performance data for the various configura-
tions investigated in the present analysis are summarized in
Table 3. Projected output and performance of a BIGCC power
station at HC&S-Paia are significantly higher than those of a
conventional steam Rankine cycle and a simple-cycle, gasifica-
tion-based power station. If bagasse were burned directly in a
boiler similar to that presently installed at HC&S-Paia (65 per-
cent boiler efficiency) and the steam produced by this boiler
were expanded in a full-condensing steam turbine-generator (80
percent unit efficiency), about 3 MW of net power would be
generated at a plant efficiency of 15.3 percent.

The simple-cycle configuration consists of the gasification
system coupled to a gas turbine generator. Gas turbine exhaust,
diluted with ambient air prior to entering the bagasse dryer to
prevent fires, is used to reduce bagasse moisture content. Net
power output and plant efficiency are calculated to be 3.9 MW
and 19.8 percent, respectively. Justification of the additional
capital expenditure for a steam bottoming cycle of the BIGCC
ultimately will be determined by economic considerations.

Table 1 Projected operating conditions and product gas
composition and yield for commercial air-blown, pressur-
ized, fluidized-bed gasifier

23.4
854
4,725 (HC&S-Paia)
21,262 (Olokele/G&R)

Pressure, bar

Temperature, °C

Bagasse feed rate to %asiﬁer @
20% m.c., kg h™' (wet)

Steam, kg/kg feed (wet) 0.15
Air, kg/kg feed (wet) 1.23
Product gas composition, vol%
H, 7.3
0, 0.05
N, 372
co 10.6
CH, 7.0
CO, 14.6
H,0 23.0
C,H, 0.11
C,H; 0.08
CsHg 0.14
Gas yield, m® kg™ feed (wet) 2.1
Gas heating value, MJ m™® 5.1
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Table 2 Process conditions and performance data for Base
Case HC&S-Paia and Olokele/G&R power stations

HC&S-Paia Olokele/G&R
Gasifier Inputs
Bagasse to gasifier (20% m.c.),

kg h™! 4,725 21,262
Air flow rate, kg h™! 5,812 26,152
Steam flow rate, kg h™* 709 3,189

Fuel Gas (post attemperation)
Fuel gas flow rate, kg h™" 12,014 47,227
Temperature, °C 530 530
HHV, MJ m™ 4.2 5.1
Gas and Steam Turbine Data
Gas turbine inlet pressure, bar 13.6 13.6
Gas turbine pressure ratio 13.1 13.1
Mass flow through gas turbine,

kg s 19 87
Gas turbine inlet temperature,

°C 946 946
Gas turbine outlet temperature,

° 471 468
Gas turbine-generator unit

efficiency, % 85 85
HRSG-generated steam, kg h! 8,303 42,799
Auxiliary boiler steam, kg h™" — 10,286
Process steam to factory, kg h™* — 49,895
Steam turbine inlet pressure, bar 27.6 414
Steam turbine inlet temperature,

°C 285 316
Steam turbine exit pressure, bar 0.14 2.1
Steam turbine-generator unit

efficiency, % 80 80

Plant Performance Summary
Bagasse energy input, GJ h™'

(HHV basis) 71.3 321
Auxiliary energy input, GJ h™!

(HHV basis) — 36.1
Net gas turbine power output,

MW 4.485 18.858
Net steam turbine power output,

MW 1.531 4.295
Booster compressor power, MW 0.106 0.475
Plant parasitic load, MW 0.451 0.902
Net plant power, MW 5.459 21.776
Plant efficiency, % 27.6 22,0*
Plant heat rate, kJ kWh™' 13,065 16,396*

* energy in process steam exported to sugar factory not included.

Various configurations of the combined-cycle power station
were investigated to determine the effects of alternative modes
of HRSG-generated steam utilization, product gas attempera-
tion, and bagasse drying on plant performance. Performance
data for these configurations are summarized in Table 3. Inte-
grating the gasification system with a steam-injected gas turbine

(STIG) offers the benefit of more complete heat recovery than
the simple cycle, at potentially lower cost than the Base Case
BIGCC because a steam turbine bottoming cycle is not needed.
In the STIG-based configuration investigated in the present
analysis, steam (28 bar/404°C) generated in a HRSG is injected
into the gas turbine combustor until the assumed minimum
allowable heating value of the gas, 3.9 MJ m™>, is attained
(Larson and Williams, 1990). Excess air is added to the com-
bustor to achieve an exit temperature of 1,093°C and HRSG
steam is injected downstream of the combustor to achieve the
design turbine inlet temperature (973°C) for an Allison 501-
KH STIG. A net power output of 5.2 MW and a plant efficiency
of 26.4 percent were calculated for this cycle.

Other variants of the BIGCC power plant analyzed include
Case CC1 (feedwater heat exchanger replaces direct water in-
jection to attemperate product gas), Case CC2 (slip stream of
product gas is used to fuel bagasse dryer burner), and Case
CC3 (propane is used to fuel bagasse dryer burner). Analysis
results are summarized in Table 3. Attemperating product gas
with a direct water quench is an attractive option because it
is simple and inexpensive, however, diluting the low-energy-
content product gas with water can negatively impact gas tur-
bine combustor performance. Cooling the gas by preheating
feedwater going to the HRSG (Case CC1) in a heat exchanger
results in a 0.1 percentage point increase in plant efficiency
compared to the Base Case:. The greater volumes of product
gas that may be required in the gas turbine due to the low
energy density of gasified biomass, compared to fuels such as
natural gas, can pose a problem for commercial turbines re-
quired to operate at near choking conditions. Diverting a portion
of the product gas to a bagasse dryer burner (Case CC2) to
reduce mass flow through the gas turbine may be a viable option
for the BIGCC. Net plant output and plant efficiency for this
configuration were calculated to be 5 MW and 22.6 percent,
respectively. Fueling the bagasse dryer burner with propane
(Case CC3) was investigated due to uncertainties associated
with the ability of the existing rotary dryer combustor at Paia
to burn low-Btu product gas. Utilization of a propane-fired dryer
burner reduces plant efficiency to 24.4 percent. Hence plant
efficiency is lowered appreciably when HRSG waste heat is not
recovered by drying bagasse.

Critical performance information for several key system
components were not available, necessitating the use of as-
sumed parameters. Analyses were performed to determine
the sensitivity of plant performance on assumptions for gas
turbine inlet temperature and HGCU inlet temperature. In
addition, gains or penalties associated with variations of
HRSG steam conditions were quantified. Net plant power
and plant efficiency are plotted as functions of gas turbine
inlet temperature in Fig. 2. Increasing gas turbine inlet tem-

Table 3 Plant performance summary—alternative configurations for HC&S-Paia 5 MWe power station

Configuration case BIGCC Base Rankine Simple STIG BIGCC CC1 BIGCC CC2 BIGCC CC3
Gas turbine inlet pressure, bar 13.6 — 13.6 13.6 13.6 13.6 13.6
Gas turbine inlet temperature, °C 946 — 946 946 946 946 946
Gas turbine pressure ratio 13.1 — 13.1 13.1 13.1 13.1 13.1
HRSG/boiler steam pressure, bar 27.6 30.3 — 27.6 27.6 27.6 27.6
HRSG/boiler steam temperature, °C 285 404 — 404 285 285 285
Steam turbine exit pressure, bar 0.14 0.14 — — 0.14 0.14 0.14
Gas turbine power, MW 4.49 — 4.49 5.78 4.19 3.72 4.49
Steam turbine power, MW 1.53 3.03 — — 1.85 1.31 1.53
Gross plant power, MW 6.02 3.03 4.49 5.78 6.04 5.03 6.02
Gasifier compressor power, MW 0.11 — 0.11 0.11 0.11 0.11 0.11
Plant auxiliaries, MW 0.45 0 0.45 0.45 0.45 0.45 0.45
Net plant power, MW 5.46 3.03 3.93 5.22 5.48 4.47 5.46
Bagasse energy, GJ h™' 71.32 71.32 71.32 71.32 71.32 71.32 71.32
Aux. fuel energy, GJ h™ — — — — — — 9.18
Plant efficiency, % 27.6 15.3 19.8 26.4 271 22.6 24.4
Plant heat rate, k] kWh™' 13,065 23,536 18,157 13,666 13,013 15,948 14,744
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perature by 111°C raises plant efficiency to 29.0 percent,
while decreasing by 111°C lowers plant efficiency to 25.3
percent. Plant efficiency changes by less than 1 percentage
point when HGCU inlet temperature varies by +83°C from
the 530°C assumed in this study. Sufficient alkali removal,
as opposed to optimal plant performance, will likely estab-
lish HGCU inlet temperature. If HRSG steam conditions
were changed from 28 bar/285°C to match those for the
existing HC&S-Paia boiler (30 bar/404°C), a 0.4 percent-
age point increase in plant efficiency over the Base Case
would result.

Larger BIGCC systems are projected to have significantly
higher efficiencies than those calculated for the 5 MWe power
station simulated in the present analysis. For example, a study
by Craig and Mann (1996) predicted a net plant output of 56
MW and a plant efficiency of 36 percent for a BIGCC utilizing
a 680 TPD pressurized wood-fired gasifier coupled to a GE
LM-5000PC aeroderivative gas turbine and a steam turbine bot-
toming cycle operating with input steam at 53 bar/394°C. A
1470 TPD BIGCC plant consisting of a GE MS-6101FA ad-
vanced utility gas turbine and a steam turbine bottoming cycle
(101 bar/538°C steam) would generate 132 MW of net power
at a plant efficiency of 40 percent.

20 MWe Cogeneration Station—Olokele/G&R Sugar
Factory

Overview. The process flow diagram of the BIGCC cogen-
eration power station at the Olokele/G&R sugar factory is pre-
sented in Fig. 3. The power station receives about 400 TPD
bagasse from the sugar factory at a moisture content of 48
percent. Flue gas drying in a rotary drum dryer reduces bagasse
moisture content to 20 percent. The gasifier is a four to five-
fold scale-up of the Paia 5 MWe power station gasifier; gasifier
operating conditions, fuel gas properties, and pressure and tem-
perature drops across the hot-gas cyclone and HGCU are identi-
cal to the Paia case. Gasification air is supplied by a booster
compressor that pressurizes a portion of the air exiting the gas
turbine compressor. Approximately 3200 kg h™! of steam from
the HRSG is directed to the gasifier.

The temperature of the product gas is reduced by preheating
the feedwater going to the HRSG. Products of the complete
combustion of gasified biomass expand through a gas turbine-
generator to produce electricity. The efficiency of the gas
turbine-generator unit was assumed to be 85 percent. Steam
generated in the HRSG at 41 bar and 316°C proceeds to a
double-extraction/condensing turbine-generator unit. The first
extraction, at 14 bar, feeds back-pressure mechanical drives that
power factory equipment, and the second extraction recombines
with steam exiting the mechanical drives, at 2 bar, to supply
the sugar factory with process steam. The steam turbine-genera-
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tor unit efficiency and the mechanical drive isentropic efficiency
were 80 percent and 65 percent, respectively. Electricity gener-
ated by the steam turbine-generator is also available for export.

Simulations indicated that the amount of steam produced in
the HRSG is insufficient to meet the requirements of the sugar
factory, therefore, an auxiliary boiler fired with No. 2 fuel (die-
sel) oil was incorporated into the model. The boiler, with an
assumed efficiency of 85 percent, supplies steam at conditions
identical to the HRSG to meet the 49,900 kg h™! process steam
demand. Use of this steam to process 117 tonne cane per hour
(tch) translates to 42 percent steam on cane, which falls within
the range of ~30-50 percent that applies to the Hawaiian sugar
industry (Kinoshita, 1991b).

The same percentage of steam turbine-generated electric
power assumed for the HC&S-Paia power station is required to
drive the Olokele/G&R steam cycle ancillary equipment. Plant
parasitic load is assumed to be twice that of the Paia plant,
which implies parasitic load scales as the square root of nominal
power output.

Results. Process information and performance data for the
20 MWe Olokele/G&R cogeneration power station are summa-
rized in Table 2. Gas turbine net power output is 18.9 MW.
Thermal energy provided by 87 kg s ' of combustion products
generates approximately 42,800 kg h™' of steam at 41 bar/
316°C in the HRSG, 7 percent of which is sent to the gasifier.
An auxiliary diesel-fired boiler generates 10,290 kg h ™' of steam
to meet the 49,900 kg h™! process steam demand of the sugar
factory. Combusting product gas to generate steam in the ex-
isting bagasse boiler at Olokele/G&R is an alternative to burn-
ing diesel fuel in an auxiliary boiler, however, the cost to modify
the burners in the existing boiler-furnace may be significant.
The steam turbine-generator produces 4.3 MW of net power.
About 1.6 MW of motive power is generated by expanding
27,200 kg h™! of steam at 14 bar in a mechanical drive. Excess
steam flows through the condensing stage of the steam turbine
(no excess steam was assumed in the present analysis). Make-
up water compensates for gasification steam and losses such as
boiler blowdown. Plant net power output is 22 MW and plant
efficiency (net electrical output divided by gross fuel energy
input) is 22 percent (16,396 kJ kWh™'). It should be noted
that plant efficiency is lower than that of the 5 MWe HC&S-
Paia power station because energy used by the Olokele/G&R
factory is not included in the calculated plant efficiency. By
comparison, a stand-alone power station at Olokele/G&R,
which does not supply any process steam to the sugar factory,
would generate approximately 25.4 MW of net power at a plant
efficiency of 28.5 percent.
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Fig. 3 Process flow diagram of 20 MWe BIGCC cogeneration power
station at Olokele/G&R
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Fig. 4 Comparison of electricity generating efficiency for conventional
and gasification-based cogeneration systems

As stated previously, only about 80 percent of the sugar
factory process steam requirement is met with bagasse under the
assumed operating conditions. This can be increased to about 85
percent if the gas turbine inlet temperature increased by 111°C.
The following options to achieve full power station/sugar fac-
tory integration could be implemented: (1) utilize an auxiliary
boiler to generate additional steam (scenario modeled in present
analysis); (2) operate the power station at conditions more
favorable for steam production; or (3) improve factory steam
utilization. Utilizing a gas turbine with significantly higher inlet
temperature than that assumed in the present analysis, which
operates at a lower, or derated, pressure ratio, would increase
steam generation in the HRSG. In addition, employing HRSG
steam conditions that favor steam production, as opposed to
power generation in the steam turbine generator, would further
improve the prospects for a self-sufficient and fully integrated
BIGCC cogeneration plant at Olokele/ G&R. An auxiliary boiler
system would not be needed at Olokele if factory operations
improved such that processing required only 33 percent to 36
percent steam:cane ratio. Such improvements may involve re-
covery of heat from juice evaporator condensates, reducing dilu-
tion of mixed or clarified cane juice or syrup, optimizing sugar
syrup brix, and reducing recirculation of process streams in the
sugar factory.

Exportable electricity potential of conventional and gas-
ification-based cogeneration systems are shown in Fig. 4.
Larson et al. (1990) state that sugar cogeneration plants
worldwide typically produce about 22 kW per tonne cane
per hour (kW tch™'). In the mid-1980s, sugar factories in
Hawaii typically generated about 67 kW tch ™' and in some
instances exceeded 112 kW tch™' (Kinoshita, 1991b).
Based on calculations performed for the 20 MWe plant in
the present analysis, efficient use of steam in the sugar fac-
tory to operate at 36 percent steam:cane ratio could yield
over 185 kW tch™'. The study by Larson et al. (1990) re-
ports that a modern 27 MWe condensing/extraction steam
turbine system operating with 60 bar/480°C steam at a 36
percent steam:cane ratio can generate approximately 120
kW tch ! and a larger capacity gasifier-based STIG cogener-
ation plant producing 53 MWe with a GE LM-5000 gas
turbine operating at the same steam:cane ratio can expect to
generate approximately 240 kW tch ™' (extrapolated data).

Summary and Conclusions

Process and performance information of biomass gasifier-
based power stations sited at two Hawaiian sugar factories were
simulated using the ASPEN PLUS™ Process Simulation soft-
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ware. Conventional steam cycle, simple gas turbine cycle,
steam-injected gas turbine cycle, and various configurations of
combined-cycle systems were considered in modeling a 5 MWe
power station at the HC&S-Paia sugar factory. A 20 MWe
combined-cycle cogeneration power plant was evaluated for the
Olokele/G&R sugar factory.

A stand-alone BIGCC power station supplied by 90 TPD
of bagasse from the HC&S-Paia sugar factory is expected
to be capable of exporting 5.5 MW of net power at a plant
thermal efficiency of 27.6 percent. Plant performance of a
STIG-based system is slightly inferior to the BIGCC system,
but should require less capital investment. Although a sim-
ple cycle power station would require substantially less cap-
ital investment, exportable power and plant efficiency from
such a plant is significantly lower. Additionally, results indi-
cate that the performance of gasification-based power plants
is much higher than that of conventional steam Rankine
power plants.

An integrated 20 MWe BIGCC cogeneration power station
at Olokele/G&R would require about 400 TPD of bagasse to
export 22 MW of net power at a plant efficiency of 22 percent.
An auxiliary boiler system may be needed to meet the process
steam demand of the sugar factory. For the conditions assumed
in the present analysis, a sugar factory operating at 117 tch
must reduce its steam:cane ratio to less than 36 percent to
become self-sufficient and fully integrated with the BIGCC
power station.

Analysis results indicate that attemperating the product gas
upstream of the HGCU by preheating feedwater directed to the
HRSG, as opposed to injecting water directly into the product
gas stream, results in an insignificant increase in plant effi-
ciency. However, plant performance is significantly derated if
HRSG exhaust gas is not used to dry bagasse. Combusting a
slip stream of product gas or propane in a dryer burner lowers
plant efficiency. Sensitivity analyses indicate that increasing gas
turbine inlet temperature by 111°C increases plant efficiency by
1.4 percentage points and deviation of HGCU inlet temperature
by +83°C affects plant performance by less than 1 percentage
point. Additionally, higher HRSG steam pressure can increase
plant efficiency.

Results of the ASPEN simulations of 5 and 20 MWe power
stations sited at selected Hawaiian sugar factories indicate that
BIGCC technologies offer the potential for significant improve-
ments in power generating performance. The following pro-
cesses can be pursued to improve plant performance: (1) oper-
ate at higher gas turbine inlet temperature; (2) operate at higher
HGCU inlet temperature; (3) generate steam at higher HRSG
pressure; and (4) recover waste heat via booster compressor
precooling and gas turbine intercooling. Implementation of
steam bottoming cycles, feedwater heating systems, higher pres-
sure HRSGs, gas turbine heat recovery schemes, and sugar
factory steam utilization improvements will likely be deter-
mined by a combination of capital cost considerations and tech-
nical factors.
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A Numerical Analysis of the
Emissions Characteristics of
Biodiesel Blended Fuels

Computer simulations were conducted to study the. combined effects of methyl soyate

C. Y. Choi {biodiesel) blends with no. 2 diesel fuel on diesel engine (D.I.) performance. Diesel
engine emissions and heat release rates were some of the parameters studied.

The results from the computer simulations were compared against previously pub-

R. D. Reitz lished results (Choi et al., 1997) from engine tests conducted on a single cylinder

version of the Caterpillar 3400 series heavy duty diesel engine. The experiments and
simulations were performed over a range of injection timings allowing particulate
versus NO, trade-off curves to be generated. Phillips 66 certified no. 2 diesel fuel
was used as the baseline; mixtures of 20 percent and 40 percent by volume of methyl
soyate with the baseline no. 2 diesel fuel were used as the biodiesel blends.

The multidimensional KIVA-II code (ERC version 2.4) was used to better under-
stand the factors controlling the formation of NO, and soot. KIVA-II modeled the
high load, single injection combustion of the baseline #2 diesel fuel and the biodiesel
blends. The code was changed to account for different fuel effects and the computa-
tional results were then compared against the experimental data. It is concluded that
the increased NO, observed with the use of biodiesel fuels (in spite of their lower
heats of combustion ) is due to increased local temperatures as a result of enhanced
Suel/air mixing and increased spray penetration. The increased spray penetration
results from the higher fuel viscosity of the biodiesel blended fuels which leads to

Engine Research Center,

1500 Engineering Drive,
University of Wisconsin-Madison,
Madison, MI 53706

reduced injection durations.

Introduction

In past studies, vegetable-oil-based fuels have been shown
to be good alternatives to fossil fuels for diesel engines. This
renewable source of fuel may also help in reducing the net
production of CO, from combustion sources and our depen-
dence on foreign oil. The methyl esters of vegetable oils (biodie-
sel), which are produced by combining methanol with the vege-
table oil, are of particular interest; these fuels tend to burn
cleaner, perform comparably to conventional diesel fuel, and
combust similarly to diesel fuel (Scholl and Sorenson, 1993).

The reaction between an acid and an alcohol results in an
ester which, in general, is insoluble in water and has a higher
boiling point than hydrocarbons of similar molecular weight.
The monoester of vegetable oils is produced by combining a
vegetable oil with alcohol; in particular, the more popular
methyl ester of soybean oil, also commonly known as biodiesel,
is made by combining soybean oil with methanol (Scholl and
Sorenson, 1993; Zhang and Van Gerpen, 1996).

Computationally, modeling these types of fuels and blends
thereof represents quite a challenge. In the current study, the
KIVA-II engine code is used to model the experimental engine
cases. Significant fuel parameters are addressed and modified
to match the experimental fuels. Comparisons and studies of
the predicted and measured pressure, heat release rate, and emis-
sions are conducted, and the results are used to provide explana-
tions of the measured trends.

Experimental Test Conditions and Experimental Re-
sults

All engine experiments were performed on a fully instru-
mented, single cylinder, Caterpillar 3400 series heavy duty die-

Contributed by the Internal Combustion Engine Division for publication in the
JOURNAL OF ENGINEERING FOR GAS TURBINES AND POWER. Manuscript received
on January 3, 1998; revision received on June 25, 1998. Associate Technical
Editor: D. Assanis.
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sel engine. This engine can produce 54 kW at 2100 revolutions
per minute. Intercooled turbocharging is simulated by control-
ling the intake air temperature and pressure, and regulating
the back pressure in the exhaust surge tank. Additionally, the
combustion chamber was designed to be a quiescent, low-swirl/
low-turbulence chamber.

Various injection schemes were studied through the use of
an electronically controlled, common rail injection system. This
system is capable of injection pressures up to 120 MPa and a
maximum of four injections per combustion event (Miyaki et
al., 1991). Additionally, the injection timing and duration can
be varied per the user’s specifications.

Cylinder pressures were recorded (at 1 crank angle degree
increments) and 20 cycle ensemble averaged on a 486DS-based
data acquisition system. Rate of fuel injection was determined
through the use of a Bosch rate of injection meter. Fuel rate-
of-injection profiles were recorded on BCAP version 4.0, a PC
based program manufactured by DSP Technology Inc.

Measured cylinder pressure and other operating parameters
were used to compute the apparent heat release rate. The heat
release program which is based on the first law of thermodynam-
ics was developed by Borman and Krieger (1966). Tree (1992)
then modified the original program to include the Woschni
(1967) heat transfer correlation.

Additional details of the engine test conditions, fuel proper-
ties, fuel blends, and engine experimental results can be found
in reference Choi et al. (1997).

Computational Test Conditions

The computer model used is based on the KIVA-II code
(Amsdenet al., 1989). KIVA-II is a computational fluid dynam-
ics code that is capable of modeling multiphase reacting flows.
The code has been modified to more accurately model diesel
engine combustion; these modifications are shown in Table 1
(references are in parentheses). More detailed descriptions of
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Table 1 KIVA-Il models

Physical Model (reference)
Phenomena
Turbulence Modified RNG k-e
(Han and Reitz, 1996)
Wall Heat Model of Han and Reitz (1996) |
Transfer
Spray Breakup | KH-RT Break-up Length Model
(Ricart et al., 1997)
Spray Drag Dynamic Drag Model

{Liu et al., 1993)
Shell Model
(Kong and Reitz, 1993)

Spray Ignition

Combustion Princeton Combustion Mode!
(Kong et al. 1995)
NO, Formation Extended Zel'dovich

Mechanism (Han et al., 1996)
Hiroyasu Model (Han et al.,
1996)
Magnussen and Hjertager-
modified
(Hampson, 1996)

Soot Formation

Soot Oxidation

the KIVA-II code used in this study can be found in papers by
Kong and Reitz (1993) and Han et al. (1996).

Normally, tetradecane is the reference fuel used for diesel
combustion simulations. To account for the different fuel char-
acteristics in the two biodiesel blends and baseline fuel used in
the experiments, viscosity effects and fuel molecular structures
were changed to represent the respective fuels modeled. Table
2 shows the cases modeled.

Computational Results

In this study, the computational results are compared against
the results obtained from the Caterpillar diesel engine experi-
ments. The engine’s combustion chamber geometry and six
hole fuel injector assembly is symmetric about the center axis.
Therefore, the computational domain represents one-sixth of
the combustion chamber for computational efficiency. There
are 20 cells in the radial direction, 30 cells in the azimuthal
direction, and 30 cells in the axial direction, with S cells in the
squish region at top dead center. A similar mesh resolution was
found to give adequately grid-independent results by Han and
Reitz (1995).

Shell Ignition Model. In diesel combustion, ignition delay
is an important variable that influences hydrocarbon and NO,
emissions. The injected fuel undergoes several physical and
chemical processes during the ignition delay period. These pro-
cesses include atomization, evaporation, mixing, and prelimi-
nary chemical reaction. Halstead et al. (1997) developed the
multistep ‘‘Shell’’ ignition model which models the autoignition
of hydrocarbon fuels at high pressures and temperatures, Kong
and Reitz (1993) and Theobald and Cheng (1987) have imple-
mented the Shell model in diesel combustion, The following

expressions describe the species and reactions used in the Shell
kinetic model:

RH + 0,— 2R* Kq (1)

R* > R* + P + Heat Kp (2)
R*—->R* + B fiKp (3)
R¥*—>R* + Q fiKp 4
R¥*+ Q- R*+ B fKp (5)
B—2R* Kb (6)

R* — termination f;Kp 7
2R* — termination Kt (8)

RH = hydrocarbon fuel

R* = radical formed from fuel
B = branching agent

QO = labile intermediate species

P = oxidized products

Kp, Kq, fi, f>, etc.
= expressions given by Halstead et al. (1977)

The reaction rate of reaction (4) is crucial to the ignition
process and found to control the chemical ignition delay (Kong
and Reitz, 1993). f,Kp is the formation rate of Q, where f, is
defined as follows:

fo = Af, exp(— EfJ/RT)[ 01" RHT**, 9

where
Ef, = 3.0ed4, x4 = —1, and y4 = 0.35.

To account for residual gas effects, the pre-exponential igni-
tion model constant, Af;, was adjusted to be dependent on
computed cylinder gas temperature at intake valve closure, Tyvc
(Xin et al., 1997).

Afy = (160.5 — 0.424Tpc) X 10* (10)

As the amount of residual gas increases, the initial gas tem-
perature increases and slower reaction rates are observed, which
is expected due to the reduction in the concentration of the
reactants,

Several empirical correlation constants are used in the various
submodels, but the ignition model constant, A f,, was of particu-
lar interest in this study. A f, was calibrated to match ignition
delay data for the three different fuel blends, but held constant
for each fuel at different fuel injection timings (SOI). Figure
1 shows the resulting dependence of A f; on fuel type. As shown,
when biodiesel was added to the baseline fuel, a corresponding
near linear increase in A f; was required to match the ignition
delay timings. The linear regressions for A f; as a function of
biodiesel concentration is shown in the legend of Fig. 1.

Table 2 Modeled cases

Fuel Blend Engine Operating Conditions Fuel SOI Mass Percent Viscosity Cetane
(CA ATDC) Oxygen at 40 °C, ¢S | Number
Baseline #2 1600 rev/min, 75% load (reference to | -7, -4, -1, 2, 0% 2.64 46.3
Dissel Fuel #2 DF), single injection 5
20% Biodiesel | 1600 rev/min, 75% load (reference to | -7.2, -4.2, 2.4% 2.82 46.3
Blend #2 DF), single injection -1.2,1.8,4.8
40% Biodiesel | 1600 rev/min, 75% load (reference to | -7.6, -4.6, 4.8% 3.04 47.1
Blend #2 DF), single injection -1.6,1.4, 4.4
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Fig. 1 Af4 and fuel injection duration dependence on fuel type

To account for fuel cetane number, the activation energy of
reaction (4), Ef;, was multiplied by a factor 71.3/(CN + 25)
(Ayoub, 1995). With the baseline #2 DF cetane number of
46.3, the factor is unity. Using Ayoub’s modification factor
(Eq. 10), the A f; data (Fig. 1), the E f, factor, and the baseline
fuel as a reference point, an effective cetane number for the
biodiesel blended fuels was calculated to be 50 and 56 for the
20 percent and 40 percent biodiesel blends, respectively, which
is higher than the measured cetane numbers for the biodiesel
blends. This is consistent with Siebers’ (1985) observation that
both degummed sunflower oil and sunflower oil monoester
would ignite like a fuel with a higher cetane number than that
assigned to the sunflower oil fuels.

NO, and Soot Models. Multidimensional soot and NO,
emissions models have been implemented in the KIVA-II code
to better model actual diesel engine combustion. Patterson et
al. (1994) implemented an Extended Zel’dovich NO model
and the Hiroyasu soot formation model. NO predicted by the
Zel’dovich model was converted to NO, by multiplying a factor
1.533 (the ratio of molecular weights of NO, to NO).

Hiroyasu (1976) determines the rate of soot mass formation
by using a single species, two equation model. The Hiroyasu
soot mass formation model is given as follows.

My = KM, (11)
Ky = AgP% exp(—E4/RT), (12)
where
M,; = soot mass formation rate
M;, = fuel vapor mass
A,; = soot formation constant
E,; = soot formation activation energy
R = universal gas constant
T = absolute temperature
P = pressure

Hampson (1996) implemented the Magnussen and Hjertager-
modified soot oxidation model. This soot oxidation model con-
siders oxidation by oxygen and turbulent mixing. Magnussen
and Hjertager (1976) suggested that soot oxidation rates may
also be controlled by mixing as opposed to kinetics alone. In
the Magnussen and Hjertager model, the soot mass oxidation
rate is given as follows:

Mo = (aA —Z—)M (13)
o Mo,
“r mm{l, <M3¢s + Mfd’f)} ’ S

where
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M, = soot mass oxidation rate
A = tunable constant
x = turbulent kinetic energy
€ = rate of dissipation of k
M, = soot mass
My, = available oxygen
M; = fuel mass
¢, = stoichiometric oxygen requirement to burn 1 g soot

¢, = stoichiometric oxygen requirement to burn 1 g fuel

When plenty of oxygen, M,,, is available, @ = 1, but when
the available oxygen is less than the oxygen required to oxidize
all the fuel and soot in the cell, « is less than unity, as shown
in Eq. 14 (Hampson, 1996).

The NO, and soot trends were seen to be predicted well when
the computed and measured cylinder pressure traces were in
good agreement. Detailed descriptions of these emissions mod-
els can be found in references by Patterson et al. (1994), Mag-
nussen and Hjertager (1976), and Hampson (1996).

Cylinder Pressure. Figure 2 shows good agreement be-
tween computed and measured cylinder pressures as the fuel
type is varied. Not only are the start of combustion timings
accurate but the general shape of the predicted pressure curve
and the magnitude of the peak pressure is seen to be in excellent
agreement with the measured data. Although only a fuel injec-
tion timing of SOI-7 CA ATDC is shown, very good agreement
was also observed for the other fuel injection timing cases. The
greatest discrepancy between the KIVA predicted and measured
pressure occurred at an SOI timing of 5 CA ATDC with the
baseline fuel case where KIVA predicted ignition somewhat
later in the engine cycle as compared to the measured data (not
shown). Discrepancies at very retarded timings have also been
noted by Xin et al. (1997) and may be due to incomplete
combustion in the predictions. Work is in progress on improved
models for these cases.

For both the biodiesel blend cases, a shorter fuel injection
duration was required in order to match combustion data later
in the combustion cycle. In the experiments, the fuel injection
duration was measured using a Bosch rate-of-injection meter.
The average fuel injection duration from the measurement was
21 +£ 1.25 CA. In the computations, this injection duration
was adjusted, within the experimental error, to best match the
measured pressure trace late in the engine cycle. These changes
could be due to fuel viscosity effects since the viscosity of the
biodiesel blends varies with the blend amount, as shown in
Table 2. The dependence of fuel injection duration on biodiesel
concentration is shown in Fig. 1.

The biodiesel blended fuels have higher densities than the
baseline no. 2 DF with densities increasing as the biodiesel
concentration increases. The denser fuel would require a shorter
fuel injection duration, i.e., shorter time is required to inject the
same amount of fuel mass with a denser fuel. However, the
differences in densities are small; the 40 percent biodiesel blend
fuel has the highest density at 0.8632 g/cm®, which is 1.8
percent larger than the baseline fuel density of 0.8479 g/cm®,
This difference in density is not sufficient to explain the shorter
fuel injection durations for the biodiesel blended fuels. Hence,
the fuel injection durations used in the model for the different
fuel cases suggest higher injection velocities and thus faster
fuel penetration for the biodiesel blend cases.

Chang et al. (1997) studied the effects of fuel viscosity on
spray tip penetration. They observed faster penetration with
higher viscosity fuels than the lower viscosity fuels when a
rounded inlet nozzle was used. Although the nozzle used in the
current experiment was not explicitly machined for roundness
at- the nozzle inlet, its measured discharge coefficient is about
0.72, indicating that some inlet rounding is present. This fact
may be able to explain the faster injection (shorter duration)
in the present study with the higher viscosity, biodiesel blended
fuels versus the baseline no. 2 diesel fuel.
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Fig. 2 Predicted (dotted lines) and measured (solid lines) pressure
traces for SOl ~ —7 CA ATDC

Heat Release Rates. Figure 3 shows the corresponding
comparisons of the measured and KIVA predicted heat release
rates for the three different fuel cases at an SOI timing of —7
CA ATDC. Again, overall good agreement is observed between
the predicted and measured results. The predicted premixed
burn magnitude and duration are also seen to be in excellent
agreement.

Emissions. Predicted and measured total in-cylinder soot
versus NO, trade-off curves for the three different cases of Fig.
2 are shown in Figs. 4, 5, and 6.

For the baseline case, the NO, emissions trends are predicted
well when compared to the measured NO, results. However,
soot is underpredicted for the later SOI timings; this discrepancy
is likely to be related to the predicted incomplete combustion
of the present combustion model. For the biodiesel blend cases,
predicted NO, again matches well against measured data.

For the 20 percent biodiesel blend case, the big reduction in
soot magnitude seen in the experiments relative to the baseline
is predicted. The soot was once again underpredicted for the
later SOI timings, but the model was able to predict the correct
emissions trends at advanced timings, However, for the most
advanced 40 percent biodiesel blend case, there is a larger dis-
crepancy between the predicted case versus the measured case.

In the Magnussen and Hjertager soot oxidation model, the
total amount of available oxygen from the intake air and the
fuel (in the case of oxygenated fuels) is available for fuel and
soot oxidation (Eq. 14). Thus, the soot oxidation model used
in this study does account for the oxygen contribution in the
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Fig. 3 Predicted (dotted lines) and measured (solid lines) heat release
rates for SOl ~ —7 CA ATDC

modeled oxygenated biodiesel blended fuels. However, the Hi-
royasu soot formation model is somewhat insensitive to the type
of fuel being modeled; therefore, further investigation in the
soot predictions is required to better understand whether or not
the oxygenated fuel blends greatly effect the formation of soot.

Note that only the dry soot fraction of the particulate matter
is predicted in the computations. As a result, the predicted re-
sults are compared against experimental data where only the
solid fraction is reported, i.e., the soluble organic fraction is not
included in the reported experimental data.

—®—measured
2 —b— predicted

soot, gsoot/kgfuel

0.0 T u T
15 20 25 30
NOx, gNOx/kgfusl

Fig. 4 Bassline case—measured and predicted soot versus NO, trade-
off curves
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Soot and NO, Contours. In order to help explain the NO,
and soot emission results, the detailed in-cylinder distributions
were examined. Figure 7 displays predicted contours of soot
concentration in the cylinder for a nominal SOI timing of —7
CA ATDC for the baseline and 20 percent biodiesel blend cases.
The greatest differences in soot contours are seen later in the
combustion cycle, e.g., beginning at about 63 CA ATDC which
is the case shown in Fig. 7. The contours are shown in the plane
of one of the six spray plumes, and the injector is located at
the top left of each frame. The spray (not shown) is directed
downward into the piston bowl in the test engine.

The size of the high soot concentration containing region is
larger with the 20 percent biodiesel blend case; however, higher
local concentrations of soot are observed with the baseline case
which are expected since the predicted engine-out soot concen-
trations were highest for the baseline case. These higher soot
concentrations are addressed later when fuel concentrations are
studied.

The measured peak bulk cylinder temperatures were lower
for the biodiesel blend cases versus the baseline case for SOI
timings of —4, —1, 2, and 5 CA ATDC (Choi et al., 1997); at
an SOI timing of —7, the peak bulk cylinder temperatures were
comparable between the three fuel blends. However, the engine
NO, emissions were higher for the biodiesel blend cases as
compared to the baseline case for all fuel injection timings.
Therefore, it appeared that the biodiesel blended fuel NO, re-
sults contradicted the common thinking that NO, emissions cor-
relate with peak combustion temperatures (Choi et al., 1997).
To better understand the predicted and measured NO, emissions
results, contours of NO, concentration for an SOI timing of —4
CA ATDC were also studied.

The formation of NO, was found to be almost frozen at
its peak concentration by 36 CA ATDC. However, significant
differences in the in-cylinder NO, contours appear at 36 CA
ATDC. As shown in Fig. 8, larger areas of high NO, concentra-
tion are observed with biodiesel blend cases as compared to the
baseline where peak NO, magnitudes are lower. The predicted
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Fig. 6 40 percent biodiesel blend case—measured and predicted soot
versus NO, trade-off curves
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Fig. 7 Soot contours for SOI-7 CA ATDC at engine timing 63 CA ATDC

NO, contours suggest that higher local temperatures are encoun-
tered in the biodiesel blend cases.

Figure 9 shows the in-cylinder histories of the amount of the
charge that is at a temperature greater than 2600 K. As can be
seen, the amount of high temperature gas increases with increas-
ing biodiesel concentration with the largest amount of high
temperature gas with the 40 percent biodiesel concentration.
The results shown in Fig. 9 are consistent with the results seen
in the NO, contour plots.

Temporal Fuel Distribution. Large differences in fuel va-
por penetration for the three different fuel blends begin to appear
at around 12.5 CA ATDC, as shown in Fig. 10. Greater vapor
penetration is observed with the biodiesel blends. Due to the
shorter injection duration, the biodiesel cases inject the same
amount of fuel more quickly than the baseline case. The higher
concentrations of soot observed in Fig. 7 for the baseline case
may thus be due to the slower fuel injection, i.e., fuel is being
injected later in the cycle and is having the same effect as
injecting fuel at a more retarded timing, thus increasing the
engine-out soot emissions. The greater fuel penetration for the
biodiesel blend cases may also help explain the increase in NO,
observed in both the experimental and predicted results for the
biodiesel blend cases.
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Fig. 9 Temporal history of the amount of charge in-cylinder at tempera-
tures greater than 2600 K, SOI-4 CA ATDC
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Fig. 8 NO, contours of the various fuel blends for SOI-4 CA ATDC at an
engine timing of 36 CA ATDC

Chikahisa et al. (1995) found that longer penetration of fuel
sprays (in terms of distance) relative to the nozzle diameter
was a major cause of increases in NO emissions from engines
using high pressure fuel injections. They observed that as the
penetration length increased, the air and fuel spray mixed more
slowly near the spray tip due to slower velocities resulting in
more time for NO reaction and longer mixing time scales, thus
increasing NO formation. As shown in Fig. 8, the locations of
high NO concentrations and high temperatures are near the
periphery of the fuel spray where the spray velocities are rela-
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Fig. 10 Fuel distribution for the various fuel cases (SOI-4 CA ATDC at
an Engine Timing ~12.5 CA ATDC)
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tively slow and mixing time scales are large. Additionally, the
higher viscosity in the biodiesel blends and greater turbulent
momentum which is evident from the longer fuel penetration
may have helped promote greater fuel and air mixing. Therefore,
it appears the effects from both the increased fuel penetration
and higher viscosity were accounted in the KIVA simulation
and may help explain the difference in NO, results for the three
fuels.

Summary

Computer simulations were conducted to better understand
the controlling factors in NO, and soot formation when a mix-
ture of 20 percent and 40 percent by volume in no. 2 diesel
fuel was used. The modified multidimensional KIVA-II code
modeled the high load, single injection case and its predicted
results were compared against those measured. The modeled
results are summarized as follows.
¢ Due to increased fuel viscosity, for the biodiesel blend cases,

a shorter fuel injection duration was required to match com-
bustion data later in the combustion cycle.

e Very good agreement was seen between the predicted and
measured pressure traces and heat release for all fuel injec-
tion timings.

¢ In general, NO, predictions matched well against measured
data for all three fuel cases. Soot was underpredicted at
the more retarded SOI timings; this could be related to the
predicted incomplete combustion of the present combustion
model at retarded timings. Additionally, ongoing research
on the soot models is currently underway to better represent
in-cylinder soot formation.

e Although the measured peak bulk cylinder temperatures
were lower for the biodiesel blend cases, the amount of
charge at high temperatures increased as the concentration
of biodiesel increased. The predicted results help to explain
the anomalous increase in measured NO, emissions for bio-
diesel blend cases which have lower heats of combustion
than the baseline fuel.

e Qverall, high engine-out concentrations of soot were ob-
served with the baseline case, in agreement with the experi-
ments. This is primarily due to the lack of the presence of
oxygenate in the baseline fuel. The higher soot encountered
with the no. 2 DF may also be due to the slower fuel injection
where, in effect, fuel is being injected at a more retarded
timing, thus, increasing the soot emissions.

e Greater fuel penetration was observed with the biodiesel
blend fuels due to the shorter fuel injection duration. It
appeared that fuel/air mixing was enhanced with the longer
fuel penetration by the greater fuel momentum, larger vis-
cous effects, and larger mixing time scales on the periphery
of the fuel spray, thus, increasing NO formation for the
biodiesel blend cases.
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Final Report on the Development
of a Hydrogen-Fueled
Combustion Turbine Cycle for
Power Generation

Through its New Energy and Industrial Technology Development Organization
(NEDO) the Japanese government is sponsoring the World Energy Network (WE-
NET) Program. WE-NET is a 28-year global effort to define and implement technolo-

R. L. Bannister
Westinghouse Power Generation,
4400 Alafaya Trail,

Orlando, FL 32826-2399

R. A. NeWby gies needed for hydrogen-based energy systems. A critical part of this effort is the
development of a hydrogen-fueled combustion turbine system to efficiently convert
the chemical energy stored in hydrogen to electricity when hydrogen is combusted

w. C. Yang with pure oxygen. A Rankine cycle, with reheat and recuperation, was selected by

Westinghouse as the general reference system. Variations of this cycle have been
examined to identify a reference system having maximum development feasibility,
while meeting the requirement of a minimum of 70.9 percent low heating value (LHV )
efficiency. The strategy applied by Westinghouse was to assess both a near-term and
long-term Reference Plant. The near-term plant requires moderate development based
on extrapolation of current steam and combustion turbine technology. In contrast,
the long-term plant requires more extensive development for an additional high
pressure reheat turbine, and is more complex than the near-term plant with closed-
loop steam cooling and extractive feedwater heating. Trade-offs between efficiency
benefits and development challenges of the near-term and long-term reference plant
are identified. Results of this study can be applied to guide the future development

Westinghouse Power Generation,
Science and Technology Center,
Pittsburgh, PA 15235

activities of hydrogen-fueled combustion turbine systems.

Introduction

The development of a comprehensive global energy system
based on renewable and/or nuclear energy using hydrogen as
a storage and transportation medium is a necessary step towards
realization of a pollution-free civilization. In 1992, the Japanese
government, through its New Energy and Industrial Technology
Development Organization (NEDO) created the World Energy
Network (WE-NET) Program, a 28-year effort from 1993 to
2020, directed at research and development of the technologies
needed to develop a hydrogen-based energy conversion system
(MITI, 1993). Part of this effort is directed toward research and
development of a hydrogen-fueled combustion turbine system
(NEDQ, 1994) which can efficiently convert the chemical en-
ergy stored in hydrogen to electricity via a heat engine in which
the hydrogen is combusted with pure oxygen.

Westinghouse has worked to develop a hydrogen-fueled com-
bustion turbine system designed to meet the goals set by the
WE-NET Program (Bannister et al., 1996). These goals include
greater than 70.9 percent low heating value (LHV)' thermal
efficiency, a reliability-availability-maintainability (RAM)
equivalent to current base-loaded natural gas-fired combined
cycles, and elimination of CO,, NOy, and SO, during power
generation. Other turbine manufacturers developing hydrogen-
fueled power generation cycles under the WE-NET program
are Toshiba and Mitsubishi Heavy Industries (NEDO, 1996).

This paper reports on the third and final year of progress by
the Westinghouse team on the study for an optimum hydrogen-
fueled combustion turbine system. In the previous two years,

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-5, 1998, Manuscript received by the ASME Headquarters April
1, 1998. Paper No. 98-GT-21. Associate Technical Editor: R. Kielb.

' All efficiency values in this paper will be LHV.
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alternative turbine systems were evaluated (Bannister et al.,
1997). The Rankine cycle with regeneration and reheat was
identified as the best system. Activities completed during the
third year include the selection of a Reference System, and the
conceptual design of the reference plant. A Rankine cycle with
reheat and recuperation was selected as the general reference
system. Variations of this cycle were examined to identify a
Reference System having maximum development feasibility
while meeting the requirement of a minimum of 70.9 percent
efficiency. The reference system selected has multiple reheat
stages and a recuperator, or heat recovery steam generator
(HRSG) that operates at atmospheric pressure, followed by a
low pressure (LP) steam turbine. This reference system confines
developmental components to the high pressure (HP) and inter-
mediate pressure (IP) combustors and turbines, and provides a
relatively simple power plant configuration.

Basic technologies and concepts to support the hydrogen-
fueled combustion turbine are to be first demonstrated in a pilot
plant in the 50—60 MW size range which will have greater than
64.9 percent thermal efficiency. This is to be followed by the
full-scale 500 MW demonstration plant startup in 2020. The
demonstration plant will meet all the above mentioned require-
ments for the WE-NET Program. The full-scale demonstration
will be at a new Japanese power plant to be located seaside.

It should be noted that WE-NET intends to construct a total
hydrogen energy system. From production using renewable en-
ergy such as hydraulic power and solar energy, to transportation
to high demand areas via ship by converting hydrogen into
other transportable energy mediums, including chemical medi-
ums such as methanol, ammonia, etc., to utilization. Pure hydro-
gen is a clean fuel; however, it is expensive to make. Within
the WE-NET program, hydrogen production technology, using
renewable energy research, has been conducted by others on
water electrolysis, photoelectrochemical (conversion of water
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Fig. 1 Near-term plant cycle

directly into hydrogen), and the thermochemical (production
of carbon-free hydrogen utilizing nuclear heat) conversion
methods. Solid polymer electrolyte water electrolysis has been
selected as the hydrogen production method for the WE-NET
Program (NEDO, 1995), in part, because of its high energy
conversion efficiency (90 percent is the development target).

Conceptual Design Assumptions

The strategy formulated for the selection of the reference
plants concluded that the number of developmental components
and complexity of the plant should be minimized. Both near-
term plants and long-term plants should be evaluated. The desig-
nation near-term implies that the technology applied is an adap-
tation of current technology requiring only moderate develop-
ment effort, while long-term implies that the technology applied
is a major advance in technology requiring extensive develop-
ment effort.

Westinghouse has assessed both a near-term reference plant
and a long-term reference plant. The near-term plant requires
moderate development based on extrapolation of current steam
turbine technology for the HP turbine (650°C inlet tempera-
ture), and extrapolation of current combustion turbine technol-
ogy for the IP turbine (1700°C inlet temperature). In contrast,
the long-term plant requires more extensive development for
an additional intermediate high pressure (IHP) reheat turbine
(1700°C inlet temperature ), and is more complex than the near-
term plant, with closed-loop steam cooling (Little et al., 1993)
of the THP and IP turbines, and extractive feedwater heating. A
single reheat stage is used in the near-term plant and two reheats
in the long-term plant. The HRSG operates at atmospheric pres-
sure, producing supercritical steam.

The trade-offs between the efficiency benefits and the devel-
opment challenges of the near-term and long-term reference
Plants were identified. The near-term plant achieves 65.2 per-
cent net plant efficiency, and the long-term plants achieve 71.4
percent net plant efficiency. Even though the near-term plant
does not achieve the goal of 70.9 percent net plant efficiency,
its relative simplicity and low cost make it attractive as a next
step.

Process flow diagrams for the near-term and long-term plants
are shown in Figs. 1 and 2. Representative temperatures and
pressures are listed at various locations on the flow diagrams.
In the near-term plant, Fig. 1, hydrogen and excess oxygen are
combined in the HP combustor and are mixed with recycle
steam to produce a 650°C combustion product at a nominal
pressure of 350 bar. This is expanded through the uncooled HP
turbine, producing an exhaust stream having nominal conditions
of 540°C and 40 bar. This exhaust stream, containing excess
oxygen, is combined with stoichiometric hydrogen to generate
the IP combustion products at a temperature of 1700°C. The IP
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Fig. 2 Long-term plant cycle

turbine expands this combustion stream to exhaust conditions
of about 740°C and 1.15 bar. The IP turbine exhaust stream is
cooled in the HRSG down to about 110°C before being ex-
panded through the LP turbine to about 33°C and the condenser
pressure. A bleed stream of water is taken from the water con-
densate. Feedwater pumps provide high-pressure water for the
HRSG to produce high-pressure steam for recycle, and interme-
diate-pressure water for the HRSG to produce intermediate-
pressure steam for open-loop cooling of the IP turbine.

Figure 2 shows the long-term reference plant process dia-
gram. The differences between the long-term plant and near-
term plant diagrams are primarily related to the insertion of an
additional turbine stage, the IHP turbine, and the use of extrac-
tive feedwater heating. The long-term plant HP turbine expands
recycle steam at 650°C and 350 bar. The HP turbine exhaust
stream has nominal conditions of 387°C and 75 bar. A portion
of the HP exhaust stream is used for closed-loop cooling of the
THP turbine and the IP turbine. The remainder of the HP exhaust
stream is combined with hydrogen fuel, excess oxygen, and the
exiting THP and IP turbine closed-loop cooling streams. The [HP
combustion produces a 1700°C, 70 bar stream to be expanded in
the THP turbine. The IHP turbine exhaust stream is about 1100°C
and 10 bar pressure. The [HP exhaust stream is combined with
stoichiometric hydrogen to generate IP combustion products at
1700°C and 9.6 bar for expansion in the IP turbine. The IP
turbine exhaust is about 1100°C and 1.2 bar pressure. Both the
THP turbine and the IP turbine produce very high temperature
exhaust streams requiring high temperature piping designs. The
IP expansion stream is cooled in the HRSG to about 240°C
before expansion in the LP turbine. Steam is extracted from the
IP turbine for feedwater heating. In contrast to the near-term
plant, the long-term plant HRSG produces recycle steam at a
single pressure level to expand in the HP turbine.

The HP turbine in both the near-term and long-term plants is
close to, or within the range of current steam turbine technology
(Bannister and Silvestri, 1989; Bannister et al., 1987). In con-
trast, the long-term plant THP turbine is a large technology
step above both current steam turbine practice and advanced
combustion turbine developments. The IP turbine has conditions
close to the conditions of advanced combustion turbines being
developed for natural gas fuels (Bannister et al., 1994).

The conceptual design of the reference plant was developed
by using several design tools and sources of engineering experi-
ence. A commeércial process simulator (ASPEN PLUS™) was
applied to develop the reference plant process flow diagrams
and thermal performance estimates. Westinghouse proprietary
design codes were used to design and size turbines, combustors,
and the HRSG. Advanced combustion turbine engineering expe-
rience resulting from current development programs in the
United States (Diakunchak et al., 1996; Amos et al., 1997) and
advanced steam turbine engineering experience resulting from
past studies and testing at Westinghouse (Silvestri et al., 1992)
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Table 1 Estimated component performance factors and reference plant

conditions
PLANT
capacity, MWe: 500
site type: greenfield, sea-side
ambient air temperature (°C): 15
ambient pressure, bar: 1.01325
relative humidity (%): 60
cooling sea water temperature (°C): 2]

| hydrogen and oxygen supply temperature (°C): | 15

| hydrogen and oxygen supply pressure: _as required
hydrogen purity, %: 100
oxygen purity, %: 100
hydrogen HHV, kl/kg: 141742
CONDENSER
type: vacuum
shell pressure (bar): 0.0508
PUMPS

| _adiabatic efficiency (%): 85
motor efficiency (%): 98
mechanical efficiency (%): 98
HRSG
tube-side pressure drop (%): 3

| shell-side pressure drop (%): 3
heat loss (% of heat transferred): 0.2
COMBUSTORS
pressure drop (%): 3
combustion efficiency (%): 99.9
heat loss (% of heat input): 0.1
TURBINES
rotation speed (rpm): 3600
bearing losses (% of shaft power): 0.6
adiabatic efficiency (%; HP, IHP, IP, LP): 93, 93, 93, 93
exhaust losses neglect for HP turbine
steam leaks (% of inlet flow): 2
shaft leakages: neglect
windage and pumping for steam leaks: |_neglect
steam cooling (% of inlet flow for IHP, IP): 15,18
coolant pressure drop (%): 10
LP turbine maximum moisture content (%): 15
LP turbine minimum inlet temperature (°C): 110
OTHERS
steam piping pressure drop (%): 3

enerator efficiency (%): 99.2

house load 5% of plant shaft power): 1.5 (near-term); 1.0 (long-term)

were used to extrapolate current technology to the demands of
the reference plant.

The conceptual design procedure for the reference plant was
iterative. The selected reference plant configuration and an ini-
tial list of estimated component performance factors were ap-
plied to generate the initial process flow diagram and materials
and energy balances. This initial set of data was used to concep-
tually design and size the major equipment in the Reference
Plant power island. This was followed by generating an initial
plant layout configuration. The initial equipment designs and
plant layout provided the basis to make better estimates of the
set of component performance factors which were again applied
with the system model to generate a second, improved process
flow diagram and materials and energy balances. This iteration
has been repeated several times, with additional modifications
to improve the reference plant feasibility and performance
made, as needed. The final form of the plant was used as the
basis to estimate the major equipment capital cost, to identify
the component development needs, and to formulate the pilot
plant plan.

Table 1 provides a summary of the essential technical as-
sumptions for the component performance factors, and the
reference plant requirements and boundary conditions. The
scope of the reference plant conceptual design is limited to
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the power block. The following are some of the key assump-
tions in Table 1:

— 100 percent pure hydrogen and oxygen were assumed to
be provided—contaminants might be present that must be
considered in the design.

-— The HP turbine efficiency was assumed at a representative
value for HP steam turbines (93 percent) even with the
relatively small size of the HP turbine blades. (The 93
percent efficiency is a projection of future capabilities that
may be possible with improved airfoil design.)

—  The conceptual near-term IP turbine design has an adia-
batic efficiency of 86 percent. To achieve the targeted
overall plant thermal performance an IP turbine efficiency
of 93 percent is required.

—  The HP turbine is uncooled. The conceptual design of the
IP turbine in the near-term plant uses open-loop steam
cooling, estimated at 33 percent of the turbine inlet flow.
For the near-term IP turbine, plant thermal efficiency was
also calculated using open-loop steam cooling with 15
percent of the turbine inlet flow. The IHP and IP turbines
in the long-term plant uses closed-loop steam cooling,
estimated at 15 percent of the turbine inlet flow.

—— The generator efficiency is assumed to be 99.2 percent.
This value is about 0.2 percent greater than current genera-
tor technology, representing the efficiency goal of the next
generation of Westinghouse generators. (Superconductiv-
ity technology was not considered in the next generation
of Westinghouse generators.)

Conceptual Design Details

The focus of the reference plant conceptual design is the
near-term plant, although the long-term plant performance and
development needs were also assessed. Conceptual designs and
specifications have been completed for the major near-term
plant components (HP and IP combustors and turbines, LP
turbine, HRSG, condenser, water pumps, and generator). The
near-term plant HP and IP combustor and turbine conceptual
designs are based on modifications to existing steam turbine
and combustion turbine design configurations.

The long-term THP turbine will be a major extrapolation of
steam turbine and combustion turbine technology with extensive
closed-loop cooling of flow path elements required. The other
nondevelopmental components of the long-term plant will have
conceptual designs and specifications very similar to those in
the near-term plant, except that the IHP and IP stages connecting
piping will potentially be very hot in the long-term plant and
will require special consideration.

The near-term HP turbine combustors have been designed to
premix excess oxygen with recycle steam, generating a low-
value oxidizing gas for combustion of hydrogen. The combus-
tors proposed apply principles similar to combustors developed
for low-heating value fuels (Garland and Pillsbury, 1992). The
combustor should have no ignition difficulties at the oxygen-
steam-hydrogen ratios used. The cooling of the combustor is
by steam impingement and film cooling techniques. In the con-
ceptual designs, the combustor design velocity, residence time
and intensity have been selected from prior experience.

The HP combustors would be placed external, but closely
coupled to the HP turbine expanders. The excess oxygen and
recycle steam are premixed in an inlet chamber. The low-value
oxidant flows (composed of 10 percent oxygen and 90 percent
steam) through an axially located tube, and an annular tube
carries hydrogen. Both oxygen/steam and hydrogen flow
through swirlers, producing an intensely back-mixing zone for
the primary combustion. The mixed temperature of the primary
zone combustion products is about 1600°C. Cooling steam also
passes through the combustor liner, keeping the liner at an
acceptable temperature. Additional dilution steam passes
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Fig. 3 Near-term HP turbine cross-section

through swirlers surrounding the primary zone outlet, and into
a highly mixed quench zone where the temperature is dropped
to the desired outlet temperature of 650°C.

The IP combustors are located internal to the turbine casing.
They apply the same combustion concept as used for the HP
combustors. Excess oxygen remains in the HP turbine exhaust
stream and reacts stoichiometrically with the hydrogen fuel in
the primary zone. Cooling steam that has flowed through the
IP turbine to cool the turbine components helps to cool the
liners. In the high intensity, secondary mixing zone, the combus-
tion products are cooled by dilution to 1700°C by the combustor
liner cooling steam. The combustor liners and transitions would
be made from high-alloy steels with TBCs, or would be of
ceramic construction.

The HP combustion product stream enters the HP turbine at
650°C and 350 bar. This stream of thermal energy is converted
to torque through the combination of rotating and stationary
blades. The steam expands through the HP blade path, exiting
at the HP exhaust. Torque created by the steam is transferred
along the rotor to the generator end. The HP turbine cross-
sectional drawing is shown in Fig. 3, listing some major HP
turbine dimensions. It shows the closely integrated, external HP
combustors as well as the HP turbine flow path and exit nozzles.
Table 2 lists some design characteristics for the HP turbine.

The HP casing consists of an outer cylinder and an inner
cylinder. The outer cylinder is suspended on two support paws
at each end. The support paws rest on pedestals that transfer
the turbine weight to the building foundation. Large studs
through the support paws keep the turbine from lifting off the
pedestals, but allow longitudinal and transverse movement for
thermal expansion.

The inner cylinder is located and supported by the outer
cylinder. The inner cylinder provides passageways for steam to
enter the HP blade path. It supports part of the HP stationary
blades, while isolating the outer cylinder from the high inlet
pressure and temperature.

Table 2 Near-term HP turbine design characteristics

Cooling Needs None
Inlet temperature (°C) 650
Exhaust temperature (°C) 288
Inlet pressure (bar) 350
Expansion ratio 8.75
Gas flow (kg/s) 150
Number of stages 15
Number of cooled stages 0
Blade heights (first-stage/last stage) (cm) 2.3/6.4
Turbine casing diameter (m) 1.7
Length of flow passage (cm) 270
Total turbine length (m) 4.9
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Table 3 Near-term IP turbine conceptual characteristics

Cooling Needs Open-loop steam
Inlet temperature (°C) 1700
Exhaust temperature (°C) 740
Inlet pressure (bar) 38.8
Expansion ratio 33.7
Gas flow (kg/s) 154
Number of stages 6
Number of cooled rows 11
Blade heights (first-stage/last stage) (cm) 7.4/36.4
Turbine casing diameter (inlet/exhaust) (m) 2.3/3.7
Length of flow passage (¢cm) 200
Total turbine length (m) 5.6

The rotor is a no-bore design. It is fully integral with the
dummy and gland rings, which separate pressure zones along
the rotor. Blade attachments are machined into the rotor. Design
evaluations included low-cycle and high-cycle fatigue stress,
and tangential stress. Low-cycle fatigue stress is created from
start-up, load changes and shutdowns. High-cycle fatigue is due
to gravity bending, partial admission steam loads, and bearing
misalignments. The tangential stress is created from centrifugal
forces from the bending and the main body of the rotor. Creep
due to large duration in high temperature aggravates tangential
stress,

The main design features of the IP turbine are simple open-
loop steam cooling, optimized stage loading, low stresses, inter-
nal blade ring cylinders for reduced maintenance and control of
clearances, and use of existing combustion turbine technology
(Southall and McQuiggan, 1995).

Westinghouse applied a highly interactive computer based
turbine design system to do the conceptual design of the IP
turbine (Little and Cobley, 1996). This design system enabled
the engineer to optimize the aerodynamic and heat transfer de-
sign of turbine blading. Further iteration with other linked sub-
systems (through central blade files for data storage) allows
rapid aeromechanical optimization of the component.

To optimize the airfoil loading, in a detailed design, accurate
modeling of the boundary layer is required in the quasi-three-
dimensional and fully three-dimensional design analysis.
Boundary layer codes have been developed using appropriate
cascades and engine representative rig tests. Laminar and turbu-
lent boundary layer growth can be predicted, along with im-
proved modeling of effects of free-stream turbulence, prediction
of onset and length of transition, separation, etc., enabling the
engineer to refine the airfoil lift distribution developed in the
blade-to-blade program.

Within the detailed design iteration, fully three-dimensional
viscous blade-to-blade calculations are performed to assess the
development of the secondary flow and the airfoil surface static
pressures, exit swirl angle, and loss. While three-dimensional
calculations remain a developing technology, the database of
experimental information has facilitated the code development.

Table 3 lists the IP turbine conceptual design characteristics,
and Table 4 lists the IP turbine blade and vane parameters.
Figure 4 shows the IP turbine cross section.

The selected reference cooling schemes encompass the full
range of cooling requirements for the IP turbine components.
All the cooling schemes employ open-loop steam cooling. As is
typical of high temperature combustion turbines, the component
cooling requirements can be dictated by surface oxidation con-
cerns, metal creep, or low-cycle fatigue. In this study, only
oxidation and creep were considered, because low-cycle fatigue
requirements generally result from the in-depth design phase.
The maximum surface temperature assumed for oxidation lim-
ited components was 955°C.

It was assumed that a layer of thermal barrier coating (TBC)
applied by the electron beam physical vapor deposition process
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Table 4 Near-term IP turbine blade and vane parameters*

ROW 1 ROW 2 ROW 3 ROW 4 ROW 5 ROW 6
Vane | Blade | Vane | Blade | Vene | Blade | Vane | Blade | Vane | Blade | Vane | Blade
Number | 40 69 40 45 40 49 36 45 32 45 50 49
of airfoils
True | 10.7 6.0 9.8 104 11.4 10.5 15.6 14.5 18.6 19.7 18.4 20.1
chord at
mid-span
Blade | 6.5 7.4 8.8 10.3 11.5 13.4 15.3 20.4 26.4 32.0 35.0 36.4
height
*Alt dimensions are in cm.
Table 6 Reference plant thermal performance
| e pont ol
Long-Term Plant | Near-Term Plant
] HP Turbine, MWe 42.3 81.6
-~ IHP Turbine, MWe 189.9 —
1| ] IP Turbine, MWe 2154 362.5
J— — LP Turbine, MWe 67.9 74.1
= | Gross Power, MWe 515.5 518.2
f — Gross Efficiency, % 73.5 67.6
Generator Losses, MWe 4.1 4.1
Fig. 4 Near-term IP turbine cross section Pumping Power, MWe 6.2 6.5
BOP Losses, MWe 5.2 7.8
Table 5 HRSG conceptual characteristics g:: E‘;f‘;’::ngviz 57032) 5‘;)50.'20
Flue Side
Inlet gas steam thhdtrace the steam generator. The once-through steam generator config-
zzzf:::d:l:\sibles grat'ion was selected as the optimum system to fulfill these
esign requirements.

Inlet gas flow (kg/ sec)o 173 Tﬁe HI%SG incorporates the simplest design possible to re-
| Inlet gas temperature (°C) '1741 cover exhaust heat in the cycle. No drums, level controls, down-
 nlet gas pressie (b:r) L3 comers, or steam separation equipment is required. Thin wall,

Qutlet temperature (°C) 110 high-nickel, stainless-steel tubes with stainless-steel fins metal-

Fressure drop (bar) - 0.09 lurgically bonded to the tubes are arranged in modules prefabri-

- Tube Side - cated in the shop. The HRSG weighs much less than a typical

Inlet fluid 0.15dp.S cation drum heat recovery steam generator. The modular arrangement

= concuctivity water allows for a great degree of configuration flexibility, whether

Inl?t temperatire (°C) 33 horizontal or vertical exhaust gas flow. The lightweight and low

IP inlet pressure (bar) 40 volume nature of the design reduces erection time and simplifies

Inlet flow (kg/sec) 121 commissioning.

[ HP inlet pressure (bar) 383 The LP turbine represents entirely commercial technology.
HP outlet flow (kg/sec) 28 Two parallel, split-flow units of this type are used. The rotating
IP outlet temperature (CC) 269 blade lengths in each unit are (1) first row (28.2 cm), (2)
HP outlet temperature (°C) 397 second row (46.2 cm), and (3) last row (90.2 cm).

HRSG Dimensions Several other major components in the near-term plant are

HRSG leggh (m) 24 representative of commercial technology, but are specially

HRSG width (m) 12 adapted to the requirements of the plant:

HRSG height (m) 14

would be applied to all cooled components. Although the bene-
fits of TBC are substantial, it is possible that subsequent in-
depth design and economic considerations would result in a
change in the type of TBC coating or the omission of TBC
from some components.

Table 5 lists the operation HRSG design parameters and some
of its design characteristics. The design philosophy for the steam
generator selection incorporates design simplification to mini-
mize design and operating costs over the life cycle of the plant.
The major design parameters required for the steam generator
use are delineated. Water treatment programs are driven by
corrosion, scale, and foaming characteristics of the water in the
cycle. Boiler blowdown and the requisite makeup is required
in many cases to keep contaminants below threshold values.
Design features that can eliminate or minimize the impact of
these items on performance will contribute to a reduction in the
cost of electricity. These design features were incorporated into
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Generator: Hydrogen-cooled generator (60 Hz, 3600
rpm, 560 MVA, 0.9 power factor, 13.8 kV).
Condenser: Special features added for sea-water leak
minimization and water contaminant removal.

Water Pumps.

In the future, the hydrogen coolant in the generator might be
integrated into the power cycle to return the generator heat
losses to the IP turbine as preheated hydrogen fuel.

Plant Efficiency

Plant heat and materials balances and cycle calculations were
generated for the reference plant at its rated load of 500 MWe
using the component performance assumptions described. Vari-
ous other parameters were also considered. No hydrogen or
oxygen preheat is used in the plants, and extractive feedwater
heating is used in the long-term plant, but not in the near-term
plant, providing a simple, compact plant configuration.

Table 6 lists the reference plant performance and power gen-
eration breakdown for the long-term and the near-term plants.
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The table lists the gross power output of each turbine, the power
losses, the net power generated and the plant net efficiency.

Estimates of the generation efficiency of the near-term plant
at part-load conditions are as follows:

— 75 percent load, 62.1
— 50 percent load, 59.6
— 25 percent load, 58.5

Several options are available for load reduction in the near-
term plant, (e.g., reducing flow, modifying inlet temperatures,
bypass of a turbine, etc.), but a complete evaluation of these
options was not performed.

Environmental Performance

The reference plant environmental performance is expected
to be superior to that of other power generation concepts using
other fuels, by having very low NOx, sulfur oxide, particulate,
toxic species, and green-house gas emissions. The generation
of solid waste and liquid/sludge wastes would also be negligi-
ble. The only significant emissions could result from fuel or
oxygen contaminants, or from noise.

Impurities may be introduced with the oxygen supply, with
the fuel hydrogen supply, through the condenser from the sea
water coolant, or internally by corrosion of materials in the flow
path. The oxygen generated by air separation will generally
contain as much as 0.1 percent argon (by volume), and traces
of nitrogen, depending on the design and operation of the air
separation system. The air supply that is drawn from for air
separation may also contain various contaminants, and any com-
ponent in the air supply that is heavy relative to oxygen will
tend to remain with the oxygen.

Hydrogen can be produced by many methods, (as previously
mentioned, solid polymer electrolyte water electrolysis has been
selected as the NEDO hydrogen production method). Contami-
nant levels in the hydrogen will depend on the nature of the
specific producer’s electrolysis system, as well as the nature
of the hydrogen transport equipment. Typically, contaminants
expected in the electrolysis hydrogen might have levels as high
as 0.1 percent oxygen, 0.14 percent nitrogen, 50 ppm methane,
and traces of mercury. Thus, there is the potential for very
small emissions of NOx, CO,, particulate, SO, and some trace
elements from the plant.

Plant safety can be achieved with current technology in the
reference plant. Based on industrial and defense experience with
hydrogen, it is expected that the handling and safety require-
ments will be comparable in'scope and cost to those of similarly
flammable (e.g., methane and gasoline). The plant safety sys-
tems required for the hydrogen/oxygen environment in the ref-
erence plant will differ from those in a conventional combustion
turbine combined-cycle power plant, but the safety technology
is available, economical and reliable.

Contaminant Control

Impurities that may enter the reference plant at various loca-
tions are also of concern from their impact on the plant reliabil-
ity, availability, and maintenance. Salts would be the most se-
vere contaminants with respect to corrosion potential. (Salts
would be likely to be introduced into the recycle water system
through the sea water-cooled condenser). Once salts enter the
system, corrosion products could exist in the turbine exhausts
in particulate, liquid, or gaseous forms. The turbine exhausts in
particulate, liquid, or gaseous forms. The turbine exhaust might
also contain either excess hydrogen or excess oxygen, and traces
of unburned hydrocarbons, NO,, CO,, and CO resulting from
hydrogen fuel and oxygen contaminants.

The control of contaminants can best be undertaken at the
condenser. Here, noncondensible gases and vapors can be sepa-
rated and compressed for either recycled or disposed. An ion
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exchange, deep bed polisher can be used to efficiently remove
ions from the recycle water. This is commercial technology.
The power consumption for the polisher is associated only with
the additional feed water pressure drop. (Estimated from com-
mercial practice to be about 3 bars, the pressure drop will have
a negligible impact on the net plant efficiency.) Power consump-
tion for the regeneration of the ion exchange media (probably
done off-site) would be treated as an operating cost for the
system.

The practice of the water/steam chemistry technology would
be focused primarily on the maintenance of the integrity and
performance of cycle components. The optimum power plant
water chemistry treatment program would minimize the losses
associated with corrosion damage at the lowest possible cost.
Corrosion of wetted piping, valve, turbine and appurtenances
would always be present.

The supercritical operating regime of the water/steam re-
quires the use of ultrapure water. The suggested optimum water/
steam chemistry program for the hydrogen turbine cycle would
be developed around two primary areas. The first, dealing with
materials, requires the use of austenitic alloy steels in piping,
fittings and wetied components. The second, relies upon a water
treatment program commonly referred to as oxygenated feedwa-
ter chemistry. This coordinated preventative approach would
simplify the water treatment program.

Since the condenser water is a major source of ingress con-
tamination, the use of double walled titanium tube sheets is
suggested to minimize the probability of leaks. If double-walled
tube sheets are not acceptable due to performance degradation,
then segregated hotwells with specific conductivity cells in each
region are specified to provide early warning of contamination.

Oxygenated feedwater chemistry is the preferred water chem-
istry program because of the use of oxygen in the cycle. Only
very low levels of contaminants are allowed. (Only 0.1 uSie-
mens cation conductivity in the condensate is allowed.) The
program requires minimal chemical feed, only oxygen and oxy-
gen scavenger are required. A slight excess of oxygen in the
combustion process is recommended from the water/steam
chemistry perspective. This would assist in the maintenance of
the 50 ppb oxygen levels required in the feedwater, and reduce
the potential hydrogen embrittlement problems that may arise.

A condensate polisher would be added to maintain water
purity. It would provide a second line of defense in the event
of a condenser leak. The full-flow condensate polisher would
protect the boiler against contamination. Resin traps in the pol-
isher are recommended to prevent resin contamination. A fool-
proof regeneration scheme is required. A three bed polisher
with separate cation/anion beds reduces the possibility of acid/
caustic contamination.

Discussion

The near-term plant HP turbine development centers on the
combustor (combustion phenomena and design features) and
materials selection. The near-term HP turbine design needs to
be an adaptation of conventional HP steam turbine designs, and
component cooling needs will be very limited. The IP turbine
development needs would center on the combustor and materi-
als development. In the IP turbine the component cooling needs
are cxtensive (airfoils, cylinder, blade rings, rotor bearings)
and the cooling design follows from closed-loop steam cooling
features currently under development for advanced combustion
turbines operating under similar temperature and pressure con-
ditions.

HP and IP combustion development should focus on the na-
ture of the hydrogen combustion products and the control of its
chemistry, as well as the combustor operability: flame stability,
ignition, flame detection, and combustion induced oscillations.
Combustor liner and transition cooling would also be part of
the combustor development testing using available techniques.
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1993 1999 2005
{ Phase I Phase II Phase 111
| i
. Total Systemn
Materials Tests Design Available
Combustion Tests
l Stationary & Rotating Tests
Cooling Tests

| Objectives Objectives Objectives Objectives
- Neat-term plant = HP/IP Combustors - IP Turbine - Prototype HP and IP
- Ni-based supcralioys - Combustion gas - Steam Cooling components/turbines
- TBCs composition combustors - lategrated combustion
- Coramic components - Flame stability cylinder - Proof-of-principles

- Ignition blades/vanos - Perfonmance
Specifications - Rame detoction rotor « Duzability
- Combustion-gencrstod| - Oaciliations bearings - Oporating bohavior

SL0am CXPOAURS « Chemistry control seals - Controlability

- 35-300 bar Specifications
« 650-1700°C - Single combustor Specifications SpeciBeations

« HP: 300 bar, 650°C, - Component sections - Subscale

30 kg/s gas flow ~ 35 bar, 1700°C, - HP mirbine 25 MWe
< I 35 bar, 1700°C, 11 kg/s gas flow = IP turbine 50 MWe
11 kg/s gas flow

Fig. 5 Development plant

Materials testing should focus on the durability of candidate
materials during exposure to the hydrogen combustion products
at simulated commercial operating duty conditions (hydrogen
embrittlement, oxidation, stress corrosion cracking, corrosion
deposits, creep rupture). The development of appropriate corro-
sion coatings and TBCs, and their associated bond coating,
should be a major part of the materials program. The initial
testing would consider advanced combustion turbine Ni-based
superalloys (single crystal and directionally solidified), and ad-
vanced combustion turbine TBCs (e.g., yttria-stabilized zirco-
nia, alumina, TiN). The materials testing associated with the
IP turbine should also consider the limited use of ceramic com-
ponents (ring segments, combustor liners and transitions, vane
and blade leading edges), and would consider the stability of
candidate ceramic materials and alternative ceramic forms in
simulated combustion-steam environments (e.g., zirconia in
composite forms, tile forms, and fibrous insulating forms).

Verification tests would be performed at sub-scales sufficient
to generate data that can be interpreted for operating conditions.
Tests would address the HP and IP combustors, and the IP
turbine cooling features (combustor and transition, cylinder,
blades and vanes, rotor, bearing, and seals) with the components

1. BP Turbine

: 9. Generator
2.IP Turbine 10, Exciter
3.HRSG 11, Bus Duet
4.LP Turbing 12, Transformer

- Condenser 13. Mochanica! Package
6. Vaguum Degas/Ton Exchange
7. Condensats Pumps
8. Feodwater Pump

14, Electrical Packago
15, LP Steam Line

Fig. 6 Near-term reference plant layout
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made from optimum materials and TBCs. Rotating tests of the
turbines, with integrated hydrogen combustion, would ulti-
mately be required to demonstrate the operability and perfor-
mance of the nonintegrated components and to develop confi-
dence for the technology in industry.

Engineering studies of many plant components and features
should continue in parallel with development testing in Phase
II. The engineering studies should address areas such as

throat and pipe airborne noise and vibration,

high temperature, anti-seize coatings,

face seals and radial seals,

high temperature thrust bearings,

coating process development,

valves,

concentric shafts to insulate bearings, and

plant control (start-up, load follow, trip, and combustion
stoichiometry).

In addition, parallel engineering studies should update the
reference plant design as new development test data becomes
available, and the optimum integration of the reference plant
components should continue to be refined.

Figure 5 depicts the major development phases, and develop-
ment programs on a time-line for the NEDO program. Each
development project block in Phase II lists the objectives and
features of the testing, as well as listing facility specifications
and estimated costs.

Conclusions

The development of a hydrogen fired power plant with an
efficiency of 70.9 percent can be accomplished. Conceptual
reference plant layouts of the near-term plant have been pre-
pared based on the conceptual equipment sizing described. Fig-
ure 6 shows the near-term plant power island layout. The major
power island components have been roughly sized and are de-
picted in the drawing. The HP turbine, IP turbine, LP turbine
and generator are arranged on a single shaft. The HRSG is
depicted as a conventional HRSG design, although other tube-
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in-shell designs might be more appropriate for this application.
The location of the vacuum degas and ion exchange polisher is
also shown. The overall 500 MWe plant is compact and simple
in configuration, and only the HP and IP turbine/combustor
components require development.

The component development phase of this 28-year program
is scheduled to start in 1999. Suggested objectives for Phase II
(1999-2005) include the following:

— focus efforts on the near-term plant conditions

— perform initially sub-scale testing that simulates key com-
ponents of the HP and IP combustors and turbines

— operate the tests to generate critical design data that pro-
vide proof of principles for the components
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Effect of Air Extraction for
Cooling and/or Gasification on
Combustor Flow Uniformity

Reducing emissions is an important issue facing gas turbine manufacturers. Almost
all of the previous and current research and development for reducing emissions has
Sfocused, however, on flow, heat transfer, and combustion behavior in the combustors
or on the uniformity of fuel injection without placing strong emphasis on the flow
uniformity entering the combustors. In response to the incomplete understanding of
the combustor’s inlet air flow field, experiments were conducted in a 48 percent
scale, 360 deg model of the diffuser-combustor section of an industrial gas turbine.
In addition, the effect of air extraction for cooling or gasification on the flow distribu-
tions at the combustors’ inlets was also investigated. The following three different
air extraction rates were studied: 0 percent (baseline), 5 percent (airfoil cooling),
and 20 percent (for coal gasification). The flow uniformity was investigated for the
following two aspects: (a) global uniformity, which compared the mass flow rates
of combustors at different locations relative to the extraction port, and (b) local
uniformity, which examined the circumferential flow distribution into each combustor.
The results indicate that even for the baseline case with no air extraction there was
an inherent local flow nonuniformity of 10 ~ 20 percent at the inlet of each combustor
due to the complex flow field in the dump diffuser and the blockage effect of the
cross-flame tube. More flow was seen in the portion further away from the gas turbine
center axis. The effect of 5 percent air extraction was small. Twenty percent air
extraction introduced approximately 35 percent global flow asymmetry diametrically
across the dump diffuser. The effect of air extraction on the combustor’s local flow
uniformity varied with the distances between the extraction port and each individual
combustor. Longer top hats were installed with the initial intention of increasing flow
mixing prior to entering the combustor. However, the results indicated that longer
top hats do not improve the flow uniformity; sometimes, adverse effects can be seen.
Although a specific geometry was selected for this study, the results provide sufficient
generality to benefit other industrial gas turbines.
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functions (i) to decelerate the high velocity air coming from
the compressor in order to provide an adequate air velocity for
the combustion process (Wilson, 1984) and (ii) to distribute
air uniformly to the combustors to reduce the nonhomogeneity
of the combustion process, and, therefore, reduce the level of
the exhaust emissions. For aircraft engines and small industrial
gas turbines, the diffuser-combustor section adopts an in-line
design where air from the dump chamber flows around the dome
of an annular combustor (e.g., Fishenden and Stevens, 1977,
Stevens et al., 1978; Carrotte et al., 1993). As a result of the
in-line geometry, air is distributed relatively uniformly to the
combustor. However, overall machine length impacts the tur-
bine package size and rotor dynamics, and, thus, is an important
design issue in heavy-frame industrial gas turbines. To minimize

Introduction

Reducing emissions is an important issue facing gas turbine
manufacturers. However, almost all of the previous and current
research and development for reducing emissions has focused
on the flow, heat transfer, and combustion behavior in the com-
bustors or on the uniformity of fuel injection without placing
strong emphasis on the flow uniformity entering the combustors.
Combustion research has been frequently conducted using uni-
form flow as the inlet condition in laboratories. Therefore, the
factor of nonuniform combustor inlet flow distribution has not
been intensively investigated. The extent of flow uniformity at
the inlet to the combustors has been identified as an important
factor which significantly affects the emission (Lyons, 1981).
The cause of the nonuniform combustor inlet flow of many gas

turbines can be traced to the complex flow field inside the dump
diffuser.

The heavy-frame industrial gas turbines designed by several
major manufacturers typically use a two-part diffuser-combus-
tion section to decelerate air exiting the compressor. First, air
from the compressor flows through an annular pre-diffuser and
recovers some of its kinetic energy before being discharged into
a comparatively large chamber called the dump diffuser or the
dump chamber. The diffuser-combustor section has two major

'J. Kapat is currently at the University of Central Florida.

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-5, 1998, Manuscript received by the ASME Headquarters April
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machine length, reverse-flow diffusers with can-annular com-
bustors are generally used. In reverse-flow diffusers, air from
the annular pre-diffuser turns approximately 150 deg before
entering the combustors and must maneuver around the combus-
tor and the transitional piece. As a result, the flow characteristics
of these diffusers are entirely different from those of in-line
diffusers.

Relatively few experimental studies have been performed on
dump diffusers with flow reversal. In an earlier study, the au-
thors experimentally investigated, in the same facility as used
in this study, detailed three-dimensional flow characteristics and
acrodynamic performance in the diffuser-combustor section
(Kapat et al., 1996). They discovered that most flow tended to
move toward the outer part (away from the gas turbine center
axis ) of the dump diffuser. As a consequence, more flow entered
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the combustor from the outer portion (away from the gas turbine
center axis) of each combustor. A concurrent CFD study con-
ducted by Zhou et al. (1996) provided a more detailed flow
pattern, which helped to improve the understanding of the ex-
tremely complex three-dimensional flow interactions between
the dump diffuser and the combustor inlet flow characteristics.
The experimental results, although not as detailed as the CFD
results, were necessary for verifying and interpreting the CFD
results. The nonuniform flow distribution, discovered by both
experimental and computational studies, prevailed in all the
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Combustor

Cross—flame tube

Location of 4 Rotor Cooling Pipes

Fig. 3 Circumferential layout of air extraction locations X1, X2, and X2.
Each circle represents the inlet cross section of a combustor and is
shown in detail in Fig. 6

combustors, In this study, this is identified as the *‘local nonuni-
formity’’ since it considers nonuniformity in the local flow
field entering each individual combustor rather than the bulk
distribution of mass flow to all of the combustors.

As air extractions are needed for cooling and/or for integrated
gasification of combined cycle (IGCC), the flow characteristics
become more complex and nonaxisymmetric. Kapat et al.
(1994) have reported the effect of air extraction on diffuser
performance for another manufacturer’s industrial gas turbines.
They reported that use of a single port for extracting air ad-
versely affects the cooling of the transition pieces of the gas
turbine. It was discovered that some cooling air is sucked out-
ward from the transition piece cooling holes by the extraction
force instead of impinging on the transition pieces as originally
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Fig. 4 Bypass duct for controlling the air extraction rate
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designed. Later, Kapat et al. (1997) conducted experiments in
the same facility used in this study and discovered that there was
approximately a 35 percent mass flow nonuniformity occurring
between the combustor located near the extraction port and
away from it. This nonuniformity of overall air flow between
combustors produced by single-port air extraction is identified
as ‘‘global nonuniformity’’ in this paper.

Evidence both from the inherent local nonuniformity due to
the design of the existing diffuser-combustor configuration and
global nonuniformity generated by air extraction motivated the
present study to investigate the local flow distribution at the
combustors’ inlets.

The following three different conditions were studied: 0 per-
cent (baseline), 5 percent (for airfoil cooling), and 20 percent
(for coal gasification). The air extractions were made at the
dump diffuser outer wall (sometimes referred to as the combus-
tor shell). The flow uniformity was investigated for the follow-
ing two aspects: (a) global uniformity that compared the mass
flow rates of combustors at different locations relative to the
extraction port, and (b) local uniformity that examined the cir-
cumferential flow distribution of each combustor including the
local flow distribution surrounding each of the swirlers at the
combustor inlet.

Although a specific geometry was selected for the present
study, the results should provide sufficient generality for im-
proving understanding of the complex flow behaviors in the
reverse-flow-type diffuser-combustor sections of industrial gas
turbines with/without air extraction.

Experimental Program

Test Facility. The desired air flow through the test model
was provided by an open-circuit, suction-type wind tunnel. The
overall layout is shown in Fig. 1. Air from the test section went
into a plenum box that was maintained at —40" H,O gage

48 / Vol. 121, JANUARY 1999

pressure by a suction fan rated at 15.6 m*/s (33,000 cfm) at
9.65 kPa (1.4 psi) and driven by a 220 hp motor. The plenum
box isolated the test section from vibrations or oscillations of
the fan and provided the necessary work space for installing a
probe traversing system and changing the instrumentation. A
detailed description of the experimental facility is provided in
Kapat et al. (1996a).

Test Section. Figure 2 shows a sectional view of the test
section. A 48 percent sub-scale, 360 deg model of the diffuser-
combustor section of a developmental heavy-frame gas turbine
was constructed. The selection of a 360 deg model was neces-
sary to investigate the effect of asymmetric air extraction (for
cooling or IGCC) on the flow patterns in this study.

Before entering the model, the flow traveled through a
straight annular section used to condition the flow. At the end
of the developing section, the flow entered the annular pre-
diffuser where it decelerated before being discharged into the
dump diffuser.

After entering the dump diffuser, the air turned approximately
150 deg, maneuvered around the transition pieces and combus-
tors, and entered the annular passage between the combustor
and the top hat (Fig. 2). The annular passage in the top hat
helped to distribute the flow before it turned approximately
180 deg and entered the combustor. After passing through the
combustor and the transition piece, the flow was exhausted into
a plenum.

The dump diffuser in this test model contained all the compo-
nents in the actual engine including the cooling pipes and sup-
port struts. The annular passages in the top hats around the
combustors contained the combustor cross-flame tubes with
their complex angles to the flow maintained. In the actual en-
gine, cross-flame tubes are used to sequentially ignite the com-
bustors by circumferentially conducting flame through the
tubes. The transition pieces were vacuum-formed to match the
outer contours of the actual engine transition pieces. Cooling
holes were drilled in the transition pieces such that the fraction
of cooling air flow entering the transition piece lining was iden-
tical to that expected in the actual engine. Geometric similarity
between the prototype and the model was maintained every-
where. One of the combustors was a true scaled model fabri-
cated with all the swirlers and fuel injectors in place. The other
fifteen mock combustors were fabricated with a circular orifice
being placed at the combustor inlet. The diameter of the orifice
for each combustor was calibrated to render the same drag

G of

Machine

Fig.6 End view of combustor inlet showing hot-wire measurement loca-
tions at inlet of each of the eight swirlers
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Fig. 7 Local and overall combustor inlet flow distribution of case S012 (short hat, no extraction, test 1 at combustor 2)

coefficient as the ‘‘true scaled”” model at various flow speeds.
Detailed information on the test section and calibration of the
combustor pressure loss coefficient is described in Kapat et al.
(1996).

*
01s
012 45
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0.03
0 %
228 18
180
(a) SO11 (b) S531

Fig.8 Overall combustor inlet flow distribution for cases S011 and $531
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Top Hat Length. To investigate if more room in the top
hat area can promote better flow mixing, longer top hats with
twice the mixing space of the existing design were installed for
a portion of the experiment. The mixing space is the space
between the end of the top hat and the inlet of the combustor.

Air Extraction. The extraction ports were located on the
outer casing around the dump diffuser as indicated in Figs. 1 and
2. Three different extraction ports (X1, X2, and X3) situated 90
deg apart circumferentially were built into the test section (see
Fig. 3). Only one of these ports was used at a time for extrac-
tion. By extracting air at different circumferential locations
while taking measurements at the same locations, circumferen-
tial variation of the effects of extraction was studied with mini-
mal instrumented sites.

The extraction duct was equipped with a pitot-static probe
that was used to monitor the air flow rate through the extraction
duct. The desired flow rate through the extraction duct was
achieved using both the extraction and the bypass ducts (Fig.
4). Small adjustments in the flow rate were performed by ad-
justing the extraction valve. However, for large variations the

JANUARY 1999, Vol. 121 / 49
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Fig. 9 Local and overall combustor inlet flow for case $512 (short hat, 5 percent extraction, test 1 at

combustor 2)

bypass valve was used to maintain the total flow rate through
the extraction compressor within the operating range. The ex-
traction compressor is comprised of six stages and was rated at
2.36 m*/s (5,000 cfm) at 0.34 bars (5 psia).

For different combination openings of the extraction and/or
bypass valves, the pitot-static probe was traversed inside the
duct, and velocity profiles were obtained. By integrating the
profiles, the corresponding flow rates were calculated.

During the main experiments with 5 percent or 20 percent
extraction, one of the three extraction ports X1, X2, and X3 was
connected to the extraction duct. First, the main flow through the
test section was adjusted with the extraction valve closed. Then,
the extraction flow rate was obtained by adjusting the extraction
and/or bypass valves. Since the adjustment of the extraction
flow rate affected the main flow rate, the main flow needed
adjustment again, and the process was repeated until both main
and extraction flow rates were at the desired values. The process
was repeated for each of the other two extraction ports.

Experimental Cases. Each experimental case was assigned
a four digit number. The meaning of each digit is as follows:

First digit. **S>’ or ‘L’ represents short or long top hats.

Second digit. ‘0, 5, or 2"’ represents zero, 5 percent, or 20
percent air extraction respectively.

50 / Vol. 121, JANUARY 1999

Third digit. (i) for the baseline case, it represents the num-
ber of test runs, e.g., 1 is the first run and 2 is the repeated
run; (ii) for the extraction cases, it represents the location of
extraction ports X1, X2, or X3.

Fourth digit. 'The fourth digit represents the instrumented
combustor 1 or 2 which is located away or near the rotor cooling
pipe, respectively (see combustor 1 or 2 in Fig. 3). For example,
S012 represents short top hat baseline case (0 percent air extrac-
tion) at first test run for combustor number 2 that is located
adjacent to the rotor cooling pipe. S022 is the repetitive run of
S012. 1232 represents long top hat case with 20 percent air
extraction applied at extraction port X3 for combustor 2. There
were a total of 24 test cases conducted.

Instrumentation and Measurements. A custom-made
tungsten hot wire, 2.5 um in diameter, was used to measure the
flow distribution at the combustor inlet. The measurements were
performed in the only combustor that was a true scaled model
of the prototype containing eight swirlers housed within eight
circular ducts through which combustion air has to flow before
mixing with the fuel. In the true scaled combustor model, fuel
nozzle models were fabricated with plexiglas cylindrical rods,
which were situated at the middle of the cylindrical duct. Only
one of the eight fuel nozzles was instrumented with a hot wire
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Fig. 10 Local and overall combustor inlet flow for case $212 (short hat, 20 percent extraction, test 1 at combustor 2)

sensor which was placed approximately 4 mm from the fuel
nozzle surface and 5 mm upstream of the corresponding swirler
as shown in Fig. 5. The fuel nozzle can be rotated around its
own axis so the hot wires can measure at any circumferential
angle. For each swirler location eight angular locations at a 45
deg interval (numbered 1 to 8 in Fig. 6), were measured. The
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:::: o M o« .
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e 008 003
° 0 o 0 ° .
as 138 ns 135 134
" w0
(a) S211 (b) 8231 {c) 8232

Fig. 11 Overall combustor inlet flow distribution for cases (a) $211, (b)

§231, and (c) $232
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hot-wire measurements were performed one at a time at each
of the eight swirler ducts. Similar measurements were then made
on the rest of the seven swirlers by rotating the fixture that held
the eight fuel nozzles to the appropriate locations. Each test
case was completed when 64 measurements were made. For

(%) (%)
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000 o
0.00 006
o0 00
0 ] 0 %0
) 136 28 135
. w0
(@) Lo11 (b) LO12

Fig. 12 Overall combustor inlet flow distribution for cases {a) L011 and

{b) LO12
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the first case (S011), the measurements were repeated at two
different sampling rates: 2000 Hz for three seconds and 200 hz
for 30 seconds. The difference of the mean velocities between
the two sets was less than 2 percent. For this reason, in the rest
of the cases, measurements were taken at 200 Hz for 30 seconds.

A constant temperature hot-wire anemometer, IFA-100, made
by TSI, Inc. was used. The hot-wire sensor was calibrated
against a pitot-static tube in a separate calibration wind tunnel
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over similar ranges of air velocities. The temperature difference
between the calibration and operating conditions was corrected
during data reduction process.

The overall mass flow rate entering each swirler in Fig. 6
was calculated by integrating eight circumferential measure-
ments and the overall mass flow rate of each combustor was
calculated by adding the mass flow rate of each swirler. Figure
6 is drawn as the flow enters the paper. The top of Fig. 6 is
away from the turbine axis.

Experimental Uncertainty. For each of the baseline cases,
at least two replications were performed. The third replications
were further performed for cases S011, S021, and LO11. Uncer-
tainty due to replications for different locations varied from 1.5
percent to 8 percent with the average at 3.5 percent.

Results and Discussion

Short Top Hat, No Air Extraction (Baseline Cases).
The flow distribution results of S012 are shown in polar coordi-
nates in Fig. 7 with an arrangement matching that of Fig. 6.
The scale of each concentric circle is in velocity (ft/s) on
the left-hand side of each polar diagram. Each polar diagram
represents the local flow distribution around a swirler. Integra-
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Fig. 14 Local and overall combustor inlet flow for case L212 (long hat, 20 percent extraction, test 1 at

combustor 2
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tion of the mass flow rate of each swirler gave the total mass
flow rate of that swirler and was represented as a single dot in
the central polar diagram in terms of fraction of total mass flow
rate of the combustor. The central polar diagram represents the
overall mass flow distribution in the combustor. Since the den-
sity and representative area of each point are the same, the
velocity is shown in the figures instead of mass flow rate.

It can be seen in Fig. 7 that swirlers A and H had better
uniformity than other swirlers. Swirler E had the worst nonuni-
form distribution. Most swirlers had more flow in the inner
portion; this was specifically true for swirlers C, D, and E. The
overall distribution, shown in the central diagram, indicated that
there were approximately 20 percent more flow in the region
covered by swirlers G, H, A, and B (upper-left half circle from
225 deg to 45 deg) than the lower-right half circle covered by
swirlers C, D, E, and F. This case (S012) was measured at
combustor 2, which is closer to the rotor cooling pipe. The
effect of rotor cooling pipe to flow distribution can be obtained
by comparing the results with those of case SO11. The results
of S011 had a similar trend in local (not shown) and overall
distributions (Fig. 8(a)) as S012 (see Fig. 7) but approximately
one half less nonuniform in overall distributions than S012.

Short Top Hat, 5 Percent Air Extraction. The effect of
5 percent air extraction for case S512 was shown in Fig. 9.
Comparison between Figs. 7 and 9 did not reveal much differ-
ence, except that swirlers A and B had approximately 3 percent
less flow than the baseline case. This indicates that the effect
of 5 percent air extraction on the combustor flow distribution
is negligible. The similarity of the local distribution of corre-
sponding swirlers between Fig. 7 and 9 also validated a good
repeatability of the test results within a span of three months.
Although the effect of 5 percent air extraction is not significant,
other 5 percent air extraction cases, for example, case S531,
with air being extracted at port X3 that was located diametrically
from the combustor did show some variations on local flow
distributions of swirlers D and E (not shown). This indicated
that the air extraction could marginally affect the inner part of
the combustor (i.e., swirlers D and E) diametrically across the
dump diffuser. However, the overall combustor flow distribu-
tion of case S531 (Fig. 8(b)) is similar to case S512 (central
diagram in Fig. 9).

Short Top Hat, 20 Percent Air Extraction. The effect of
20 percent air extraction was significant, which can be seen by
comparing case $212 in Fig. 10 with the baseline case SO12 in
Fig. 7. Case $212 had air extraction employed at port X1 located
close to combustor 2 near one of the rotor cooling pipes. The
most obvious difference is that flow is significantly retarded in
the outer portion (the quadrant 45 deg - 0 deg - 315 deg) of
every swirler. For example, the velocities at 0 deg and 45 deg
reduced from 135 ft/s at swirler D in Fig. 7 to approximately
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100 ft/s in Fig. 10; similarly, at the same quadrant of swirler
F, velocities were reduced from 145 ft/s in Fig. 9 to 95 ft/s in
Fig. 10. Although the 20 percent air extraction significantly
distorted the local distribution of each swirler, the nonunifor-
mity of overall mass flow rate distribution (central diagram in
Fig. 10) was about the same as that in the baseline case shown
in Fig. 7.

The effect of the rotor cooling pipe can be seen by comparing
the results of combustor 1 of case S211 (Fig. 11(a)) with those
of case S212 (Fig. 10). The comparison indicated that the rotor
cooling pipe had affected the local flow distribution of each
swirler (not shown) but had negligible effect on the overall
combustor flow distribution (Fig. 11(a)). Both cases (S211 and
S212) had approximately 15 percent more flow in the upper-feft
half circle (including swirlers G, H, A, and B) than the lower
half of the circle (including swirlers C~F).

The effect of the distance from the air extraction port can be
seen by comparing cases S232 (Fig. 11(c)) and S212 (Fig.
10). When the air extraction was changed to port X3, the distor-
tion of local flow distribution that appeared in case S212 (Fig.
10) could still be seen in the outer portion (the quadrant 45
deg — 0 deg — 315 deg) of every swirler in case S232 (not
shown). The uniformity of the overall combustor mass distribu-
tion of case S232 (Fig. 11(c)) was, however, approximately
within 8 percent between the upper-left and lower-right half
circles; this was better than the 15 percent nonuniformity for
case S212 (central diagram in Fig. 10). The improved flow
uniformity in case $232 could be explained as follows: when
the air was extracted diametrically across the dump diffuser,
the flow moving toward outer part of the dump diffuser (away
from the turbine axis) experienced an opposite force from the
low pressure site near port X3; therefore, the flow on the upper
half of the combustor reduced and overall flow distribution
improved. The mass flow for the lower half of the combustor
was also affected by the extraction; however, since the rotor
cooling pipe had already exerted resistance to the flow moving
toward the lower portion of the combustor, the effect from the
suction became less.

The effect of rotor cooling pipe with air extraction diametri-
cally across the dump diffuser can be seen from the comparison
between case S231 and S232 (Fig. 11(d) and 11(c)). With air
being extracted at port X3, the flow distribution of combustor
1 of case S231, which was away from the rotor cooling pipe,
showed better local flow uniformity at each swirler (not shown)
than for case S232 (not shown). This was expected and was
consistent with the results of baseline cases, which showed
that combustor 1 had more uniform local flow distribution than
combustor 2. The overall distribution of case $S231 became a
little worse, however, with 10 percent more flow in the upper-
left portion of the combustor 1 (Fig. 11(»)) compared to 8
percent of the combustor 2 in case $232 (Fig. 11(¢)). A plausi-
ble explanation for this unexpected result could be that combus-
tor 1 was away from the rotor cooling pipe, and the flow near
the lower half of the combustor 1 was closer to port X3, so the
suction force at X3 reduced flow more in the lower half of the
circle. Nevertheless, a 2 percent difference was not that much,
so this explanation should not be treated, however, as an abso-
lute fact.

Long Top Hat, No Air Extraction. To improve the flow
uniformity, longer top hats were installed based on the hypothe-
sis that increasing the size of the end zone of the top hat may
provide a longer time for better mixing. The results of overall
combustor flow distribution for cases 1.012 and LO11, using the
long top hats without air extraction, are shown in Fig, 12. When
they are compared with the corresponding short top hat cases
of S012 (Fig. 7) and SO11 (Fig. 8), there seems to be no
significant changes even though the short top hats were replaced
with the longer ones. Both L012 and 1011 (Fig. 12) cases have
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approximately 15 percent more flow in upper-left half circle
(from 225 deg to 45 deg) than in the lower-right half circle.

Long Top Hat, 5 Percent Air Extraction. Long top hats
somehow affect the local flow distributions for each swirler (not
shown here ) with 5 percent air extraction. As a consequence, the
overall flow distributions for cases 1.512 and 1.532 (Fig. 13)
also changed. In the short top hat cases of S531 (Fig. 8) and
S512 (Fig. 9), 15 percent more flow enters the combustor in
the upper-left half circle from 225 deg to 45 deg than in the
lower half circle. The longer top hats shift the higher flow region
to the upper half circle (from 270 deg to 90 deg). The flow
uniformity is improved a bit, from 15 percent nonuniformity in
case S512 (Fig. 9), to 10 percent in case L512 (Fig. 13), but
maintains the same 15 percent nonuniformity between cases
S531 (Fig. 8) and L532 (Fig. 13).

Long Top Hat, 20 Percent Air Extraction. The effect of
long top hat on the local flow distribution at each swirler can
be seen by comparing case S212 (Fig. 10) and case L212 (Fig.
14). No specific pattern is observed and no clear improvement
of uniformity around each swirler is observed. By comparing
the central diagrams in Fig. 10 and Fig. 14, the overall combus-
tor flow distribution becomes less uniform in the long top hat
case L212 than in the short top hat case S212. The S212 case
has 15 percent more flow in the upper half circle (270 deg - 0
deg - 90 deg), whereas the L212 case has 25 percent more flow
in the upper-right half circle (315 deg - 0 deg - 135 deg).

When air extraction was employed at port X3, the long top
hats did not improve the flow uniformity, which can be seen
by comparing case S232 and S231 (Fig. 11) with cases L232
and 1.231 (Fig. 15). Both S231 and L231 have about 9 percent
nonuniformity. However, the long top hat makes flow less uni-
form in case 1.232 that has 16 percent more flow in the upper
half circle (270 deg - 0 deg - 90 deg) than case S232 that has
8 percent more flow in the upper-left half circle (225 deg - 0
deg - 45 deg).

From all the long top hat cases presented above, increased
top hat size does not improve the flow uniformity, and may even
make flow become less uniform. Therefore, the employment of
long top hats is not recommended.

Suggestions for Improvement

Since large top-hats did not improve airflow uniformity as
was initially hypothesized, other possible means under consider-
ation are listed as follows:

(a) Uniform Resistance Method —provide circumfrentially
varying resistance in the top hat to counteract the effect
of uniform flow resistance in the dump diffuser. The fol-
lowing three possible ways are suggested: (i) vary the
width of the flow passage circumfrentially, (ii) add screen
or honeycomb, (iii) add a long flow shield extending from
the top hat radially into the dump diffuser.

(b) Mixing Method —install turbulators near the combustor
inlet to promote mixing.
Conclusions

An experimental study was performed in a 48 percent scale,
360 deg model of the diffuser-combustor section of a develop-
mental industrial gas turbine to investigate (a) the combustor

54 / Vol. 121, JANUARY 1999

inlet flow distribution in the reversed-flow type dump diffuser
and (b) the effects of various air extractions for cooling (5
percent) and gasification (20 percent) on uniformity of the flow
entering the combustors. The results indicated that even at the
baseline case with no air extraction there was an inherent local
flow nonuniformity of 10 ~ 20 percent ‘at the inlet of each
combustor due to the complex flow field in the dump diffuser
and the blockage effect of the cross-flame tube. The combustors
near the rotor cooling pipes have less uniformity than those
away from the cooling pipes. More flow was seen in the portion
further away from the gas turbine center axis. The effect of 5
percent air extraction was small. Twenty percent air extraction
introduced approximately 35 percent global flow asymmetry
diametrically across the dump diffuser. The effect of air extrac-
tions on the local flow uniformity of the combustors varied with
the distances between the extraction port and each individual
combustor. The most obvious difference is that flow is signifi-
cantly retarded in the outer portion (the quadrant 45 deg - O
deg - 315 deg) of every swirler. Although the 20 percent air
extraction significantly distorts the local distribution of each
swirler, the nonuniformity of overall mass flow rate distribution
is about the same as that in the baseline case. This nonuniformity
could be alleviated by extracting the air necessary for gasifica-
tion at more than one locations.

Longer top hats were installed with the initial intention to
increase flow mixing. The results indicated that the longer top
hats do not improve the flow uniformity. It was concluded that
the degree of flow uniformity at the combustor’s inlet was criti-
cal to the combustion uniformity and consequently emissions.
It should be examined and improved for each gas turbine model.
Although a specific geometry was selected in this study, the
results provide sufficient generality to benefit other industrial
gas turbines.
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H. Riidiger
H Spl|eth0ff Biomass and sewage sludge are atiracting increasing interest in power plant technol-
) ogy as a source of carbon-dioxide-neutral fuels. A new way to reduce the consumption
of fossil fuels could be the co-combustion or co-gasification of coal and biomass or
K. R. G. Hein coal and sewage sludge. In both cases, pyrolysis is the first step in the technical

process. In order to obtain detailed information about the pyrolysis of coal/biomass
and coal/sewage sludge mixtures as well as unblended fuels, the “‘Institut fiir Verfah-
renstechnik und Dampfkesselwesen (IVD)’’ at the University of Stuttgart has carried
out investigations using an electrically heated entrained flow reactor. The test runs
provided information about fuel conversion efficiency, pyrolysis gas and tar yield,
and composition of pyrolysis gas and tar. Besides gas and tar analysis investigations
regarding the path of trace elements, like heavy metals, alkali, chlorine and nitrogen
components, during the pyrolysis process varying different parameters have been
carried out. The fuel nitrogen distribution between pyrolysis gas, tar, and char has
been analyzed, as well as the ash composition, and, thus, the release of mineral

Institut fir Verfahrenstechnik und
Dampfkesselwesen,

(Institute for Process Engineering and
Power Plant Technology)

University of Stuttgart,
Pfaffenwaldring 23,

D-70569 Stuttgart,

Germany

components during pyrolysis.

Introduction

Various forms of biofuels, including biomass and sewage
sludge, represent an interesting feedstock for combustion and
gasification processes in power plant technology as a source of
CO,-neutral fuels. An estimation of available biomass for ther-
mal use is given in [1]. Biomass has a potential of about 660
PJ (1 Petajoule = 10'° Joule). This is equivalent to about 5
percent of the annual primary energy consumption in Germany.

A refined purification of municipal (and industrial) waste
water results in an increasing yield of sewage sludge. In 1991
about 2.5 Mt (dry matter) sewage sludge was produced in Ger-
many [2] and about 19 Mt in the European Community [3].
Disposal of sewage sludge in Germany (1991) was carried out
by [4] the following:

e dumping (56%)
s agricultural using (29%)
* incineration (15%)

Due to tightening restrictions regarding the disposal of sew-
age sludge, an increasing share of thermal use of sewage sludge
is to be expected.

The application of gasification or pyrolysis processes in
power plant technology using biofuel as feedstock could start
with the co-feeding of a certain amount of biomass or sewage
sludge together with the main fuel coal. To obtain information
on the influence of biofuel on the pyrolysis process, pyrolysis
of several fuel mixtures has been investigated.

One aim of the research was to determine the impact of
biomass and sewage sludge as co-feedstocks in coal pyrolysis
processes. [VD studied the pyrolysis of biomass together with
a high volatile coal as main fuel. The experiments were carried
out in a small-scale electrically heated entrained flow reactor.

The main parameters to be investigated were the wall temper-
ature of the pyrolysis reactor (up to 1200°C) and the coal/
biofuel ratio. It was expected that the high reactivity of the
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biomass would result in a higher yield of pyrolysis gas. An
effect on the production of tar components was also expected.
The test runs have provided information about fuel conversion
efficiency, pyrolysis gas and tar yield, composition of pyrolysis
gas and tar, and fuel nitrogen distribution between pyrolysis
gas, tar, and char.

The same experiments have been carried out with a mixture
of sewage sludge and high volatile coal.

Another part of the research was also to determine suitable
pyrolysis char compositions for further use in different pro-
cesses with simultaneous generation of a pyrolysis gas with a
high NO, reducing potential. Detailed results of the investiga-
tions using pyrolysis gas from coal [5], sewage sludge [6], or
biomass [7] for NO, reduction are published elsewhere. To get
information about the path of different feedstock components
during pyrolysis the quality and quantity of pyrolysis char de-
pending on temperature has been analyzed [8].

Test Facility Description

The BTS (Brennstofftrennstufung/fuel splitting and reburn-
ing) test facility is a joint development by the Institut fiir
Verfahrenstechnik und Dampfkesselwesen (IVD) and the
Saarbergwerke AG, Saarbriicken, a German coal mining com-
pany and utility. The plant has been built to investigate possibil-
ity of simultaneously minimizing NO, formation and reducing
NO, levels formed during the combustion of pulverized hard
coal. The process separates coal into volatiles and residual char.
These are burned in a fuel staged combustion with char as
primary fuel and volatiles as reburn fuel. Results of these inves-
tigations are published for example in [9]. Pyrolysis gas from
solid fuels can either be produced in an entrained flow pyrolysis
reactor (50 kWy,) or in a fluidized bed reactor (50 kW,). For
investigations on NO, reduction and reburn efficiency the gener-
ated pyrolysis gas is injected into the reduction zone of a pulver-
ized fuel combustion reactor (50 kW,,) after the solid pyrolysis
residuals are separated from the pyrolysis gas in a hot gas
filtration unit.

The presented pyrolysis results have been gained from experi-
ments at a bench scale entrained flow reactor (total height 2400
mmy). The pyrolysis test facility consists of a fuel feeding unit,
the pyrolysis reactor and a hot gas filtration. A flow schematic
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Fig. 1 Flow schematic of the entrained flow pyrolysis reactor at IVD

is shown in Fig. 1. The fuel, dosed by a gravimetric feeding
unit with a capacity of 1 to 5 kg/h of fuel, enters the reactor
through a water cooled burner where it is united with the carrier
gas (nitrogen), which is preheated to reactor temperature
(400°C to 1200°C). The reaction pipe (CrNi-steel) has a length
of 2000 mm, an inner diameter of 94 mm and is electrically
heated (30 kW,) to a maximum reactor temperature of about
1200°C. The hot gas filtration unit consists of an ash hopper, a
cyclone, and a ceramic candle filter. All pipes are heated up to
400°C to avoid tar condensing. .

An important criterion in running a pyrolysis reactor is the
residence time of the fuel in the reaction zone. Sinking velocities
of different particles compared with the gas velocity of the
laminar flow in the reaction tubes are determined according to
[10]. The results show that coal and sewage sludge particles
(dso = 40 um) follow the gas stream in good compliance, so
the residence time can be determined by calculating the gas
velocity at different operation conditions. Biomass particles
have a shorter residence time because of their greater size; their
sinking velocity is higher than that of coal particles. Table 1
shows the residence time of pulverized coal and the gas velocity
depending on the reactor temperature. The inert gas volume
was the same in all test runs, the total gas volume at operating
conditions contained generated pyrolysis gas as well as the inert
carrier gas.

A further criterion are the heating rates of fuel particles in
the reactor. Figure 2 contains calculated particle temperatures
for coal (particle diameter 100 pm) for different reaction tem-
peratures (according to [11]). The model describes a single
particle in a laminar flow, with no relative velocity against the
carrier medium.

Figure 2 shows that the particles reach their final temperature
after about 40 ms to 50 ms.

Sampling System Description. The pyrolysis gases CO,
CO;, H,, C,H,, and O, were constantly connected on-line to
the sampling system for all test runs. The sampling point was
located at the end of the reaction tube. In addition to the analysis
by the on-line sampling system, the gases were analyzed by a
Unicam gas chromatographic analyzer for H, (TCD), C,, C,,
C;, and Cs, hydrocarbons (FID).

Table 1 Residence time of pulverized coal particles and gas velocity in
the pyrolysis reactor at different reaction temperatures

reactor temperature (°CJ 600 800 1000 1200
inert gas volumetric flow [m¥%hyomm) 4.0 40 4.0 4.0

total gas volumetric flow [mP/hope;) 134 16.7 20.8 4.6
gas velocity [mvs] 0.54 0.67 0.83 0.99
residence time [s] 3.7 3.0 24 2

56 / Vol. 121, JANUARY 1999

1200 f ¢
3
1000 |
T 800F [/ eeeereeesersssmrisserenisesserensunenns 2.
g 800
£ 3
® 600
% TW
S 4001 V=T . =600°C
ZeeeeTo . =800°C
L =T % 1000 °C
20 G T 1200 °C

o

. L ) . . N "
0.00 0.05 0.10 0.15 0.20 0.25 0.30
time (s}

Fig. 2 Calculated particle temperatures [11]

To determine the different tar components in the pyrolysis
gas, a tar sampling system has been installed. The sampling
systems was situated after a short, heated and insulated stainless
steel line, which was located at the gas sampling point. A flat
filter (ceramic fiber paper) is used to condense heavy tars and
tar aerosols. The filter is followed by an activated carbon car-
tridge. After the sampling, filter and activated carbon were
weighed and dissolved in dichlormethane for gas chromato-
graphic analysis (GC-MS).

The tar species are devided into two groups. The term heavy
tars describes the sum of all species with a boiling point above
about 200°C. These are all aromatic hydrocarbons with more
than two benzene rings (naphthalene and above). The light tars
are mainly benzene, toluene, and xylene. The boiling point of
the compounds is below 200°C and the number of benzene rings
does not exceed two.

The analyzed char samples are collected from the hot gas
cleaning unit. The coarse particles come from the ash hopper,
the fine char particles from the hot gas cyclone. For proximate
and ultimate analyses the two samples have been mixed.

A detailed description of the test facility and the sampling
system can be found in [8, 9, 12, 13].

Fundamentals

Pyrolysis (or devolatilization) is a thermal decomposition of
organic matter in an inert atmosphere. The process has been
well known in coal refinement (e.g., carbonization) for a long
time. Pyrolysis is also the first step in combustion. The pyrolysis
product composition depends on the following:

® process parameters (e.g., reaction pressure, temperature,
heating rates)

¢ fuel parameters (e.g. moisture, particle size, fuel composi-
tion)

Main reactions. Homogeneous and heterogeneous reac-
tions in the pyrolysis process cause a changing product composi-
tion, depending on the reaction temperature. The main reactions
are

CH, + H,0 & CO + 3H,
C+ H,0 & CO+H,

C + CO, & 2CO
CH, & C + 2H,

methane gasification:
water gas reaction:
boudouard reaction:
methane decomposition:

The equations have their equilibrium on the right side with
increasing temperatures. As shown, with higher temperatures
more hydrogen and carbon monoxide are produced (Fig. 3).

Main Reaction Processes. In pyrolysis, the following main
reaction processes are distinguishable [14]:

¢ Primary processes. Products are formed in the fuel (solid
phase) at low temperatures (water, carbon oxides, aliphates,
oxygen containing carbon hydrogens).
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Fig. 3 Equilibrium of different gasification reactions depending on the
reaction temperature

» Secondary processes. Products are formed in the gaseous
phase out of primary products (especially by cracking).

e Tertiary processes. New products are created at high tem-
peratures by cracking secondary products or by repolymeriza-
tion to heavy aromatics (recombination).

Coal Pyrolysis. Coal pyrolysis has been already investi-
gated intensively for a long period. Therefore, in this paper only
a small part of essential results (regarding the co-pyrolysis with
other fuels) are presented.

An essential reason for the different product yield in coal
pyrolysis compared to biomass pyrolysis is the different molec-
ular design of the fuels. Coal is formed by three-dimensional
cross-linked macromolecules, in which smaller molecules are
integrated.

Different energies of chemical bondings are responsible for
the different product formation in pyrolysis, depending on the
reaction temperature. Initially, aliphatic bonds are broken at
lower temperatures; with increasing temperature, thermal de-
composition of aromatic bonds starts.

Biomass Pyrolysis. The pyrolysis of biomass has several
steps depending on the reaction temperature [15].

Between 100°C and approx. 400°C, the depolymerization of
macromolecules starts, free and cellular water in the fuel is
released. With higher temperatures hydrolysis reactions take
place, molecules are cracked, and the quantity of pyrolysis prod-
ucts increases rapidly, the fuel weight loss can reach 70 percent.

At temperatures over 400°C, cracking of the pyrolysis prod-
ucts in the gaseous phase form new products. At the same time,
other products are recreated in the solid phase or near the solid
phase by recombination [14, 16].

The structure of biomass and the ultimate analysis explain
the different behaviour in devolatilization, compared to coal.
Biomass contains more linear and weaker connected macromol-

0.7 0.3
06 00— vyolume
%M F 1o 2%?
i 5
$oaf 4
1, Joid
2o 2
AR —f— mass
0ole . 00

600 700 800 800 1000 1100 1200
reaction temperature [° C)

Fig. 4 Total gas generation in hard coal pyrolysis
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Table 2 Analyses of feedstocks

Feedstock Gételborn Swiss Combi straw
hard coal sewage sludge biomass
Proximate analyses [%aq]
fixed C 57.0 2.6 164
volatile matter 339 51.0 71.7
ash 9.1 46.4 59
Ultimate analyses [%gy)
C 81.4 52.1 50.5
H 5.6 7.7 4.8
N 1.5 6.7 0.8
S 1.0 2.1 0.1
Cl "‘ 0.05 0.8
O (diff.) 10.6 314 43.0
Moisture ** [g/kg] 53 23 74
Particle size
dso (um] 58.8 28.6
sieve (mm) 1.5
Ash (%]
Si0, 42.3 22.4 526
ALO; 243 9.0 1.2
Fe;0y 113 24.6 1.2
Ca0 6.5 125 6.5
MgO 4.1 2.8 3.0
K,0 33 0.8 237
SOy 6.6 2.6 1.1
Heavy metals (mg/kga,,]
Ba 1350 195 90
Pb 530 <20 45
Cd 0.5 29 3.0
Cr 308 330 58
Cu 360 485 85
Ni 290 76 45
Hg <5 <5 <5
Zn 940 995 125

* not determined ** a5 received, feedstock has been dried for experiments

ecules than the highly cross-linked coal with its aromatic com-
ponents. Photosynthesis is the basic step in the formation of
biomass. An endothermic reaction creates glucose from carbon
dioxide and water. In a second step, the main components cellu-
lose, hemi-cellulose and lignin are created.

Sewage Sludge Pyrolysis. It is not easy to give a clear
description of the composition of sewage sludge. Sewage sludge
is formed by organic and inorganic matter. The organic matter
contains proteins, carbohydrates and lipids. The distribution of
organic matter is approximately [17]; 20~-30 percent proteins,
10-30 percent lipids, and 10—15 percent carbohydrates.

Unlike coal, sewage sludge is composed by long-chained
aliphatic hydrocarbons, which are not cross-linked in a three-
dimensional model. Single molecules can reach large dimen-
sions with a high molecular mass. The structure
C372H7100236N6]S3C12P6 of the Organic matter in sewage Sludge
is suggested in [18].

Feedstocks

Different fuels have been used in the pyrolysis test runs.
Feedstock analyses are shown in Table 2.

Results of Pyrolysis Experiments With Unmixed Fuels
Coal Pyrolysis.

Gaseous Components. All pyrolysis experiments have been
carried out with one hard coal (type: Géttelborn, high volatile
matter, Saarland, Germany).

Figure 4 gives information about the total gas yield in coal
pyrolysis. In the temperature range investigated, the gas yield
increases with increasing reaction temperature. At high temper-

JANUARY 1999, Vol. 121 / 57

Downloaded 02 Jun 2010 to 171.66.16.118. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



o
n

04f N CH total
o

g A cb
jo3f ¢ co,

e

»

Bo02p

g

9

£01
0of &= \ 4 4 . J

. s L L " .
€00 700 800 900 1000 1100 1200
feaction temperature {° C|

Fig. 5 Devolatilization of hard coal, gaseous components

tar production
120 | =8 heavy tars
'3 --O--lighttars
gwo o .
@ L
§ 80
ﬁ 60
3
g wf

[
E-
T

e 800 700 800 800 1000 1100 1200

reaction tamperature (° C}

Fig. 6 Tar generation (heavy and light fraction) in coal pyrolysis

B2 ash tixed C P22 vol. matter [ devolat.

raw fuet 600 800 1000 1200
reaction temparature {°C}

Fig. 7 Proximate analysis of coal {raw material and residual char), val-
ues related to ash content of raw fuel

atures the mass curve flattens while there is an increasing vol-
ume curve. This is caused by an increasing share of light pyroly-
sis products at high temperatures. The gas production seems to
reach a maximum in pyrolysis, if there is no gasification me-
dium in the reaction zone.

The gaseous species are shown in Fig. 5. Hydrocarbons have
a production maximum between 800°C and 1000°C. Hydrogen
shows a strong increase at temperatures higher than 800°C. At
1200°C the hydrogen yield is about 0.43 mm/kgu, the share
in the pyrolysis gas is nearly 70 percent. Carbon monoxide
production also increases, together with the reaction tempera-
ture. The formation is caused by oxygen in the fuel (10.5%/
kgqqr) and oxygen (0.05%/kgq,) from air contained in the bulk
material.

Tar Components. Figure 6 shows the production of heavy
and light tar species, depending on the reaction temperature.
Heavy tar components decrease strongly with increasing tem-
peratures. The generation of light tars shows a flatter curve,
which also decreases strongly at high pyrolysis temperatures,

Residual Char. Figure 7 shows the share of char compo-
nents related to the share of ash in the raw material. In coal
pyrolysis there is only a small decomposition of fixed C, but
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Fig. 10 Total gas generation

almost a total devolatilization of volatile matter at 1200°C reac-
tion temperature.

Figure 8 contains the ultimate analyses of raw fuel and resid-
ual char related to the share in raw fuel. These values give
information about the release of different elements in coal pyro-
lysis. All elements show an increasing release with increasing
temperatures. The release of hydrogen and oxygen is more
strongly influenced by the reaction temperature than that of
nitrogen and sulfur. At 1200°C reaction temperature about 90
percent of hydrogen, 55 percent of sulfur, 41 percent of carbon
and 38 percent of nitrogen are released.

Biomass Pyrolysis.

Gaseous Components. Figure 9 shows the yield of the main
components of straw. Carbon monoxide and hydrogen are gen-
erated in a higher share with increasing reaction temperatures.
Carbon monoxide production starts already at 400°C; hydrogen
is significantly generated at temperatures higher than 800°C.
Hydrocarbons are also produced at low temperatures and reach a
maximum somewhat over 800°C. Carbon dioxide is not strongly
influenced by the reaction temperature.

The overall production of gaseous pyrolysis products is de-
scribed in Fig. 10. As shown, at temperatures over 800°C the
gas mass increases only a little; gas production is complete at
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Fig. 13 Behaviour of mineral ash components in char during straw py-
rolysis

about 1000°C reaction temperature. The gas volume increases
strongly at high temperatures because of the change in the gas
composition. Cracking reactions form lighter pyrolysis compo-
nents. The yield of hydrogen in the pyrolysis gas increases
rapidly at high reaction temperatures.

Tar Components. Figure 11 gives information about the tar
production of straw. At low temperatures, more heavy compo-
nents are produced. Light tars are formed by cracking out of
heavy components with higher temperatures and reach a maxi-
mum between 800°C and 900°C. With further increasing tem-
peratures, both tars, heavy and light, decrease rapidly.

Residual Char. Figure 12 shows the devolatilization and
residual char of straw. Investigations were carried out in a ther-
mobalance according to DIN 51718-DIN 51720. The results of
the thermogravimetric measurements are related to the ash con-
tent of the raw fuel. Straw shows a high devolatilization at low
temperatures.

The behavior of the main mineral ash components during the
pyrolysis of straw, shown in Fig. 13, reveals in a decreasing
share in the ash with increasing pyrolysis temperature. The char
samples are devided into a coarse and a fine sample. The main

Journal of Engineering for Gas Turbines and Power

Table 3 Particle size and ash content of the different char samples

char sample particle share of ash content

size sample [% dry]

{pm] [%] raw  600°C  800°C 1000°C 1150°C
coarse straw >150 77-88 5.5 271 29.1 30.2 294
fine straw <150 12-23 41.5 404 40.7 33.6
coarse sew. sl. >40 85 46.6 73.6 81.6 90.1 98.8
fine sew. sl. <40 15 70.5 823 90.3 99.4

difference between those particles is the residence time in pyrol-
ysis gas atmosphere and in the trace heated hot gas filtration
unit. In contrast to the results of the sewage sludge pyrolysis
the composition of the char from straw pyrolysis depends on
the size of the char particles and thus on the residence time in
pyrolysis gas atmosphere and in hot environment.

Table 3 shows the particle sizes and the ash contents of the
analyzed samples. The higher share of ash in fine particles might
come from ongoing devolatilization in the hot gas filtration unit.
The share of calcium decreases in both straw char samples with
decrease of the temperature. The higher calcium content in fine
particles may come from reactions with some pyrolysis gas
components, like recombination of carbonates. A major potas-
sium release during straw pyrolysis takes place above 800°C.
Particles with a longer residence time in pyrolysis gas atmo-
sphere have less potassium and sodium in the ash due to further
release and reactions with pyrolysis gas components, especially
chlorine.

Figure 14 shows the release of chlorine, nitrogen, and sulfur
during the straw pyrolysis. There is no distinct influence of the
reaction temperature above 600°C for all three components. 25
percent of nitrogen and 55 percent of chlorine stay in solid
pyrolysis residues.

Sewage Pyrolysis.

Gaseous Components. Total gas generation in sewage
sludge pyrolysis is comparable to that of biomass pyrolysis. At
high temperatures there is nearly total release of organic matter;
therefore, mass release flattens at a high temperature while the
volume release increases.

Figure 15 presents the gaseous compounds in sewage sludge
pyrolysis. Hydrocarbons show a maximum between 800°C and
900°C. This is comparable to other fuels. As in biomass pyroly-
sis, the release of hydrogen starts at about 600°C and strongly
increases at temperatures higher than 800°C because of cracking
reactions. Carbon monoxide shows a strong increase with in-
creasing reaction temperatures, too. Carbon dioxide seems to
have a small production maximum between 800°C and 900°C.

Tar Components. As expected, tar production and distribu-
tion is influenced by the reaction temperatures. The tendency
for tar formation is similar to those in biomass pyrolysis. Figure
16 shows the tar production in sewage sludge pyrolysis at differ-
ent reaction temperatures as determined by weighting. Total tar
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Fig. 14 Behaviour of Cl, N, and S in char during straw pyrolysis
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release is about 280 g/Kgge1 . at 600°C and about 10 g/kg at
1200°C. Light tar species show a production maximum between
800°C and 900°C. This is comparable to biomass and coal pyrol-
ysis. Heavy tar components decrease with increasing reaction
temperatures.

Residual Char. Sewage sludge shows a high devolatiliza-
tion at low temperatures. At 400°C reaction temperature, about
80 percent of organic matter (volatiles and fixed C) is trans-
formed into gas or tar products.

At 1200°C reaction temperature, there is nearly total release
of organic compounds in sewage sludge pyrolysis. Figure 17
shows results of the proximate analysis related to the ash content
of raw fuel.

In sewage sludge pyrolysis, there is no release of the main
mineral ash components in the investigated range of temperature
(Fig. 18). The differences between coarse and fine particles are
listed in Table 3.

There is no distinct decrease of lead and manganese in the
coarse nor in the fine particles during the pyrolysis of sewage
sludge, shown in Fig. 19. The release of lead starts depending
on the lead containing compounds in the ash above 1200°C in
reducing atmosphere. Zinc decreases steadily with increasing
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Fig. 19 Behaviour of heavy metals in char during sewage sludge py-
rolysis

temperature. A slightly higher concentration in fine particles
comes from condensation of heavy metals on the particles in
the hot gas filtration unit, which is trace heated only to 400°C.

Results of Co-Pyrolysis Experiments

Co-pyrolysis test runs have been carried out with coal to-
gether with straw and sewage sludge, which are of interest for
use in co-gasification. Studies have been focused on particular
reactions which are caused by co-pyrolysis effects and not only
by blending effects of the fuel mixtures. To obtain information
on product generation, temperature was varied from 800°C to
1100°C (100 K steps) in experiments with sewage sludge, and
from 800°C to 1000°C in test runs with straw.

Rules of Mixture.
¢ = (al00*al + b100*b1)/100
r=(m-c)lc,

where ¢ = calculated result; 100 = measurement in unmixed
pyrolysis of fuel a; al = share (percent) of fuel @ in the mixture
in co-pyrolysis; b = fuel b; r = related result; m = measure-
ment.

Co-Pyrolysis of Coal and Straw.

Gaseous and Solid Pyrolysis Products. Figure 20 shows
gaseous and solid pyrolysis products in the co-pyrolysis of straw
and coal at 800°C.

Analysis results are related to calculations according to rule
of mixture (left axis = r; 100 percent coal and 100 percent
straw are equal 1). The expected values for mixed fuels should
be 1, if there are no special effects caused by co-pyrolysis.

Figure 20 shows that all measured values (devolatilization
= fuel input-char production) are in a range of about *10
percent. This range describes the average deviation of mass
balances in pyrolysis experiments. The result of residual char
production and pyrolysis gas generation in co-pyrolysis test runs
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with coal and straw shows that there are only effects caused by
rules of mixtures.

In Fig. 21, results are presented for test runs at 1000°C.
These figures show that devolatilization (and therefore char
production) is not influenced by synergetic effects caused by
co-pyrolysis. All analysis results are in a range of approx. +10
percent around the value, which is given by the rules of mixture.

Tar Products. If no influence on pyrolysis gas generation
and residual char production exists, no effect on tar production
due to the mass balance should be expected. Figure 22 and Fig.
23 show the measured tar production in the co-pyrolysis of coal
and straw. Quantitative tar measurements are not easy to make
and imply a certain measurement deviation. All measured values
are roughly on a line. If those values are connected with a linear
regression, there are points over and under the regression line.
Therefore, it is expected that the investigations on tar production
in co-pyrolysis of coal and straw in the range of the tested
parameters are not influenced by special effects caused by the
fuel blending.

Co-Pyrolysis of Coal and Sewage Sludge.

Gaseous and Solid Pyrolysis Products. Unlike co-pyrolysis
of coal and straw, test runs with fuel mixtures (coal and sewage

Journal of Engineering for Gas Turbines and Power

120f —A—gooC
—~8—900C
wof TWi000C
__280 F
o
Seof
S
40 F
ol /.__,_—.————'\-
0 . . s ; .
0 25 50 75 100
percent coal
Fig. 23 Heavy tars in co-pyrolysis of coal and straw
5180
2
3 —&- gas mass
b ~—8— gas volume
£1.25F ~— degasliication
e
i w """
0.75
: 1,
0.50 . . N N
[ 25 50 7% 100
percant coal

Fig.24 Gaseous components and devolatilization in co-pyrolysis of coal
and sewage sludge at 800°C reaction temperature

g

=1

—A— gas mass
—8— gas volume
—8— dogastlication

)
15
\

o

[

o
L

pyrolysis products related to unmixed fuel
3B
T !
%
&l

percent coal

Fig.25 Gaseous components and devolatilization in co-pyrolysis of coal
and sewage sludge at 1100°C reaction temperature

sludge) show that a combined pyrolysis has an influence on
product yield and product distribution. Figure 24 and Fig. 25
contain measurements of pyrolysis gas (mass and volume) and
devolatilization (=fuel input-residual char). Again, all values
are related to calculations according to the rules of mixture.

In all measurements, the devolatilization is smaller than 1,
inducing a higher residual char than the calculation predicts.
This effect weakens with increasing temperatures. In all cases,
gas values (mass and volume) are also less than 1; this is caused
by the influence of the fuel mixtures on pyrolysis. Related re-
sults of the mass of gas are usually smaller than results of gas
volume.

It seems that, together with an increasing reaction tempera-
ture, the difference between gas mass and gas volume is increas-
ing. This must be caused by a change in pyrolysis gas product
distribution.

Tar Products. Tar measurements in co-pyrolysis test runs
of coal/sewage sludge mixtures are shown in Fig. 26 and Fig.
27. It should be considered that quantitative tar measurements
are not of the accuracy of gas or char measurements.

All tar values determined in co-pyrolysis of coal and sewage
sludge are similar, thus precluding any definitive conclusions
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Fig. 20 Mass balance in co-pyrolysis of coal and sewage sludge
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Fig. 28 Mass balance in co-pyrolysis of coal and straw

as to the effect of feedstock mixture. Figure 26 contains mea-
surements of heavy tars. It seems that all setpoints are more or

sludge; this is due to the different particle size.

On the other hand, coal contains a lower amount of volatile
matter and has a highly crosslinked structure. This is one reason
for the general requirement of higher temperatures in coal pyrol-
ysis.

It seems possible that coal pyrolysis is influenced by the
reaction atmosphere, generated in co-pyrolysis. In the co-pyrol-
ysis of coal and sewage sludge, the sludge degases much faster
than coal because of the structure of sewage sludge and its
small particle (sewage sludge ds, = 40 um, hard coal ds; = 60
wm). The coal pyrolysis taking place afterwards in the reaction
tube occurs in a different atmosphere, compared to the baseline
tests.

In the co-pyrolysis of coal and straw, straw particles show
delayed degasing compared to the coal particles. It was also
noted that, during co-combustion tests, straw particles ignited
after coal particles in the combustion chamber [1]. Therefore,
the devolatilization of coal in pyrolysis test runs with biomass
feedstock happened in an inert atmosphere and was not dis-
turbed by gaseous products from the straw. The straw devolatil-
ization that follows in the inert atmospheric thus formed does
not seem to be strongly influenced by this.

To obtain more detailed information about the model de-

less on a line between the unmixed fuels. No strong influence
of co-pyrolysis on heavy tar production appears to exist. scribed, it could be useful to carry out investigations in a reactor
Figure 27 shows light tar measurements. The values measured  with staged fuel feeding. First experiments could be done by
at the setpoints do not greatly differ from a connecting line investigating co-pyrolysis with a view to the residence time of
between the unmixed fuels. But if tar measurements of all test the mixed feedstocks, using a probe for profile measurements.
series are connected with a polynomial regression, it appears
that light tar generation in mixed fuel test runs may be lower (Conclusions
than expected. Thus, light tar generation could be influenced by
co-pyrolysis of coal and sewage sludge. This could be possible
because there exists an influence on gas generation in these test
runs (shown in Figure 24 and Figure 25) and behaviour of light
tars could be similar to that of the gaseous fraction.

Increasing reaction temperatures result in a higher devolatil-
ization for all fuels. Biomass shows a devolatilization of approx.
80 percent,, at 1200°C. Hard coal shows a weight loss of ap-
proximately 4550 percent (dry ) at the same temperature. Sew-
age sludge devolatilization is also approximately 50 percent

Total Balance in Co-Pyrolysis. Figure 28 and Fig. 29 (dry) at 1200°C; this is nearly a total release of organic matter
show summarized measurements of co-pyrolysis experiments because of the high ash content (approximately 50 percent
(coal/straw and coal/sewage sludge) at 800°C. All measured (dry)) in sewage sludge.
values have a symbol. Reaction water determination was per- Gaseous hydrocarbons have a production maximum at about
formed by means of oxygen balances only with unmixed fuels. 800°C reaction temperature for all feedstocks. Carbon monoxide
The figures show that a satisfactory mass balance exists for all  and hydrogen are increasingly formed at high pyrolysis temper-
set points. Deviation in the mass balance in both figures is less  atures due to gasification reactions. Mineral elements are re-
than 10 percent. Figure 29 (co-pyrolysis of coal and sewage leased during straw pyrolysis, but within the hot gas filtration
sludge) demonstrates the increasing yield of char in those test unit further recombination reactions and condensation of ele-
runs, that are influenced by the fuel mixtures, in contrast to Fig. ments on particles take place. There is no release of mineral

62 / Vol. 121, JANUARY 1999 Transactions of the ASME

Downloaded 02 Jun 2010 to 171.66.16.118. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



elements during sewage sludge pyrolysis and only a slight re-
lease of heavy metals at high pyrolysis temperatures.

The effect of co-pyrolysis depends on the feedstocks used in
association with the particle size. Pyrolysis of coal and straw
show no particular influence, as a result of fuel blending. This
may be due to the delayed devolatilization of straw compared
with coal. Co-pyrolysis of coal and sewage sludge has an influ-
ence on char, gas and tar production. The yield of char increases
with mixed feedstocks. This effect weakens with increasing
temperatures. Gaseous products are lower than predicted by the
rules of mixture. Light tars also seem to be less. This behavior
may be caused by rapid sewage sludge devolatilization in the
entrained flow reactor, followed by the coal devolatilization,
which is influenced by the reaction atmosphere thus created.

To obtain detailed information on effects of co-pyrolysis or
co-gasification it seems necessary to focus research on devolatil-
ization velocity of the baseline fuels and on the influence of
reaction atmosphere on the unblended feedstocks.
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Gas Turbine Engine

A new generation of small scale (less than 20 MWe ) biomass fueled, power plants
are being developed based on a gas turbine (Brayton cycle) prime mover. These
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power plants are expected to increase the efficiency and lower the cost of generating
power from fuels such as wood. The new power plants are also expected to economi-
cally utilize annual plant growth materials ( such as rice hulls, cotton gin trash, nut
shells, and various straws, grasses, and animal manures) that are not normally
considered as fuel for power plants. This paper summarizes the new power generation

concept with emphasis on the engineering challenges presented by the gas turbine

component.

Biomass Power Plant Rationale

Many entities worldwide greatly desire improved and more
economic methods for using and/or disposing of biomass in
the course of generating electricity. At present, the amount of
useable power being produced from biomass is very small rela-
tive to the biomass resources available for this use. If there is
such a desire to employ biomass power and there are vast bio-
mass resources for fueling biomass power plants, why do we
not see rapid development of this industry? First, any proposed
biomass power plant has to compete with other power supply
options. In the majority of cases the only other option is power
supplied by a fossil fueled power plant. Power supplied by a
fossil fueled power plant can be very economical. It is economi-
cal because it is reliable, uses the latest in power plant technol-
ogy (e.g., an efficient gas turbine engine combined with the
steam cycle), can be installed relatively quickly, can be built
on both a small and large scale, and is well known by the finance
community. Fossil fuels are currently abundant and available at
a reasonable price in many parts of the world. Second, biomass
power plants rely on less efficient boiler/steam turbine technol-
ogy, have a higher installed price per kWe, and draw on fuel
supplies that are bulkier, less homogeneous, and more difficult
to fire and handle than fossil fuels (especially relative to oil
and natural gas which are not solids).

The major reasons for consideration of the biomass power
option are as follows: (1) disposal of biomass waste combined
with the production of electricity and heat, (2) power production
from abundant indigenous biomass resources, (3) power for re-
mote locations rich in biomass resources, and (4) it is a renewable
energy option. This option has been chosen for many applications.
In the U.S. there is an estimated 6000 MWe of wood-based gener-
ating capacity that is dispatchable (NEOS, 1992). The amount
of power that could be generated from biomass resources is much
greater, especially considering the worldwide market. But to effec-
tively capture this underutilized renewable resource requires a
new generation of biomass power plants.

This paper briefly describes development of a new generation
biomass power plant with emphasis on the modifications re-
quired of the gas turbine generator component to accept hot
low energy gas.

Technical Path for Producing Electricity From Bio-
mass

There are numerous decisions to be made when choosing a
path for producing electricity from biomass. The path Cratech
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has chosen is shown in the simplified block diagram of Fig. 1.
The block diagram of Fig. 1 shows a pressurized air-blown fluid
bed reactor with fuel injection from a biomass pressurization
and metering unit. The air is supplied to the reactor from a
booster compressor which in turn is fed from the turbine com-
pressor final stage. The product gas is passed through a hot gas
clean-up system followed by injection into the turbine combus-
tor. Electricity is produced from the generator which is powered
by the output shaft of the gas turbine. Also, shown is a heat
recovery steam generator (HRSG) that can be added if desired.
The gasification system of Fig. 1 has been tested with the results
reported in (Craig 1996). Cratech is projecting to have an op-
erating power plant as shown in Fig. 1 (excluding the HRSG)
by the fourth quarter of 1998. Many hours of further testing
will be required before the unit can be offered for sale. This
path is a promising option for cost effective production of elec-
tricity from the largest variety of biomass materials. This system
takes advantage of the higher practical thermodynamic effi-
ciency of the Brayton cycle over the Rankin cycle.

Gumz (1950) is the earliest reference found describing the
concept of combining a pressurized gasifier with a gas turbine
engine, although Gumz himself references an earlier work pro-
posing this concept. He also states that the combination could
certainly benefit from future development of pressurized hot
gas cleaning to avoid excessive turbine blade wear. Gumz was
speaking of coal-fueled plants but the concept is similar when
using biomass as fuel. Currently, similar concepts are being
developed for using biomass as fuel in Hawaii (Wiant et al.,
1997), Sweden (Skog, 1993), Finland (McKeough and Kur-
kela, 1993), Minnesota (DeLong et al., 1995), Europe (Ma-
niatis and Ferrero, 1995), and other locations.

The Cratech system can operate at a maximum design pres-
sure of 13.8 atm (1353 kPa), at a feed rate of 2 tonnes (2.2
tons) per hour of wood, and at a gasification temperature just
below 730°C (1346°F). The gas is maintained at, or just below,
this temperature to retain valuable sensible energy and prevent
condensation of the tars. In this state, the solid particles are
removed from the gas by a hot, dry gas cleaning system. The
gas is then directed into the combustion chamber of a gas turbine
engine. This path has the following notable benefits: it avoids
ash softening temperatures before the ash is removed, thus
avoiding ash slagging problems; it retains the sensible energy
in the gas, which helps maintain overall system efficiency; wet
scrubbers are not used, therefore, no wastewater will have to
be treated; the tars will remain in a vapor state, avoiding tar
sticking and corrosion problems; the chemical energy contained
in the tar will be recovered as the hot vaporized tar is burned,
and no catalyst or higher temperatures are needed for tar de-
struction before combustion.
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Pressurized operation allows for higher heat rates per square
area of the reactor, reduces the size of the hot gas clean-up
system, and eliminates the need for compression of the gas prior
to injection into the gas turbine. Direct, or air, gasification was
chosen over indirect gasification to reduce the overall complex-
ity of the system. Steam is not required for fluidization, and
minimizing steam use cuts.down on latent heat losses.

There are barriers to overcome with this path. Most prominent
are feeding biomass into a pressure vessel, developing hot gas
cleanup, low carbon conversion efficiency at low gasification
temperatures, alkali vapors in the fuel gas, and fueling a gas
turbine engine with a hot low energy gas. These barriers are
worth overcoming to obtain the significant advantages cited
above. This paper does not discuss Cratech’s methods or efforts
for overcoming all the barriers as it is focused on the gas turbine
component of the power plant.

Table 1 LCV gas composition

Component % mole fraction

H, 10.4

CH, 3.0

CH, : 1.0

C.H, 03

Co 17.0

Co, 15.3
N, 41.0

H,0 12.0
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Cratech’s chosen path for producing electricity from biomass

Gas Turbine Engine Modifications

Low calorific value (LCV) gas will fuel the gas turbine.
Table 1 contains the LCV gas composition and Table 2 contains
the LCV gas characteristics as produced from cotton gin trash
fuel. Figure 2 is a block schematic of the gas turbine and its
fuel control scheme. Table 3 contains the corresponding mass
flow rate at each station identified in Fig. 2.

The Cratech gasification system is capable of fueling a tur-
bine of 1500 kWe output with a maximum pressure ratio of
about 11.0; however, the initial gas turbine combustion test will
be performed with a Solar Spartan turbine rated at 225 kWe
with a pressure ratio of 4.0. This small gas turbine generator
package will provide for economical fuel system and combustor
modification, and subsequent testing.

An Engineering Challenge. One major challenge to over-
come in making this type of power plant possible is designing
a gas turbine fuel and combustion system that will accept and
burn hot LCV gas. An EGT Typhoon gas turbine has been
designed to operate on gas of 5 MJ/scm (134 Btu/scf) at a

Table 2 LCV gas characteristics

Molecular weight: 26.2

Gas temperature: 700°C (1292°F)

Chemical energy of gas: 5.18 MJ/scm (139 Btw/scf)

Sensible energy of gas: 1.05 MJ/scm (28 Btu/scf)

Solid particle concentration < 6 ppmw with max particle
size of 3 pm

Tar content was not measured.
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Table 3 Approximate relative mass flow rates at station points identified in Fig. 2

Station Description as a ratio of m,
1 m,= compressor inlet mass flow m,/m= 1
2 m,= compressor discharge my/m;= 1
2g my= air supply to gasifier my/m;= 0.10
2p my,= fuel premix air my/m;= min of 0.00, max of 0.14
3 m,= air supply to combustor my/m,;= min of 0.76, max of 0.90
4 m,= produced fuel gas flow m,/m;= 0.14
5 m.= hot gas flow to turbine ms/m;= 1.04
6 mg= turbine outlet flow m¢/m;= 1.04

fuel injection temperature of 400°C (752°F) (Mina et al., 1994).
Westinghouse is planning to fuel a 251B12 gas turbine with 5
MJ/sem (134 Btu/scf) LCV gas at an injection temperature
of 550°C (1022°F) (Stambler, 1997). Cratech plans to fuel a
modified Solar Spartan gas turbine with 5 MJ/scm (134 Btu/
scf) LCV gas at a fuel injection temperature of 700°C (1292°F).
This challenge consists of designing a suitable fuel delivery
system and an LCV gas combustor.

LCV Gas Delivery and Injection System. The EGT and
Westinghouse turbines receive biomass-derived LCV gas from
gasification systems very similar to that shown in Fig. 1. How-
ever, the systems are apparently targeted for power plants in
the 20 MWe and greater power range. Cratech is developing
biomass power plants for the 20 MWe and less power range
market. The larger systems may benefit from the increased com-
plexity of employing a heat recovery steam generator to lower
the LCV gas temperature and thus receive the benefits of lower
temperature LCV gas fuel injection. The steam produced from
hot gas cooling can be used effectively in a combined cycle
application, But if this power concept is to be applied in smaller
sizes (as low as | MWe) and in simple cycle operation, it would
be desirable from a thermal efficiency standpoint to inject the

LCV Gas
See Table 1

Air To Gasifier

LCV gas directly into the gas turbine combustor without LCV
gas cooling. ‘

Designing a fuel gas delivery and injection system that can
handle the high temperature LCV gas is a major engineering
challenge. Careful attention must be paid to selection of valves
and materials that can handle the high temperatures and pres-
sures. Valves V1 and V2 of Figure 2 have been selected and
are included in the test program. Valve V1 is an on/off or
blocking valve. This valve closes in the event of overspeed of
the turbine shaft, over temperature of the turbine inlet gas, or
emergency shutdown. Valve V2 is the fuel gas control valve
and operates in relation to the turbine shaft speed. This valve
will be required to operate at high temperatures while control-
ling the fuel flow required to maintain a constant shaft speed
over the entire power range of the generator. Cratech will collect
data on technical performance and cost effectiveness of the
valves.

LCV Gas Combustion. Fueling gas turbine engines with
LCV gas is not unprecedented. One of the most common appli-
cations in the past was use of off gases from a blast furnace to
fuel gas turbines. Palmer (1976) discusses this application and
the modifications required to successfully burn this gas in tur-

Diesel Fuel

For Startup

&

Fig. 2 Gas turbine fuel control scheme
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bine engines. Beginning in the late 1970s, there has been a great
deal of work on burning L.CV coal gas in gas turbine engines.
From this experience, gas turbine manufactures have confidence
that biomass derived LCV gas can be successfully burned in
gas turbine engines. EGT (Mina et al., 1994 ) and Westinghouse
(Stambler, 1997) are examples of this confidence.

Most large industrial gas turbines have large combustion
chambers with the volume necessary to support combustion of
LCV gas once the fuel delivery and injection system has been
modified. The Spartan is a much smaller turbine than any that
has been fueled with biomass derived LCV gas to date; how-
ever, it will be possible to fuel this small turbine with an exten-
sively modified combustion chamber. Figure 3 is a simplified
depiction of the nozzle and combustor arrangement designed
by Cratech for this turbine. Several parameters were considered
when designing the turbine combustor for burning LCV gas.
One of the most important parameters is the pressure drop across
the combustor. The objective is to maintain and promote stable
combustion with a combustor pressure drop of approximately
4 percent. With this arrangement, Cratech will learn how best
to fuel small combustors with hot biomass derived LCV gas.

Diesel fuel will be used for startup in the conventional man-
ner. The initial test runs will be conducted under no load condi-
tions. LCV fuel gas will gradually be fed to the combustor, and
the flow of diesel fuel will be gradually cut back. It is expected
that the diesel fuel can be completely shut off and the turbine
will operate totally on LCV gas. When stable combustion is
occurring with 100 percent LCV gas under no load conditions,
the process will be repeated under gradually increasing load
conditions until the goal of 100 percent load with 100 percent
LCV gas is reached. With a fuel delivery and combustion sys-
tem properly operating, the next step would be a 100 h test run
to check for any seriously detrimental effects from solid parti-

Journal of Engineering for Gas Turbines and Power

cles or possible alkali attack on the gas turbine blades. The
gasification system has been designed so that alkalis remain in
solid form and exit with the filter ash. The hot gas filtration
system is expected to remove more than enough particulate .
matter to protect the turbine blades. Once the power plant dem-
onstrates satisfactory operation for short periods of time, Cra-
tech plans to relocate the plant to a commercial site for long
term endurance and reliability testing,

The successful completion of such an ambitious gas turbine
development program will bring the new generation of small
scale biomass power plants much closer to technical, economic,
and commercial reality.
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The paper describes results of a parametric study obtained while using an analytical
model described earlier (Bunama and Karim, 1997b) investigating the combined
effects of mass, energy, and momentum transfer with variable transport and thermody-
namic properties on the formation of fuel vapor-air mixtures above a stagnant liquid
fuel surface within the confines of a vertical cylindrical vessel. This was done mainly
to examine the establishment of the formation of flammable mixtures and their changes

in size and location with time within liquid fuel tanks that are partially empty. The
effects of changes in the ambient and wall temperatures, presence of liguid on the
walls and vessel geometry were considered. Moreover, the results of a corresponding
experimental investigation are presented. Much of the data relates to the high volatil-
ity fuel n-pentane that represents the lighter fuel fractions in commercial fuels which
through their early evaporation contribute much to the fire hazards in fuel tanks.

Introduction

The subject of ensuring the safety of fuel storage and handling
facilities in gas turbine installations remains of paramount im-
portance. Transient changes in key influencing parameters, such
as temperature and fuel vapor concentration distributions that
commonly occur as a matter of course in liquid fuel containers
may increase the fire hazard. Moreover, the question of limiting
the release of fuel vapor components into the immediate sur-
roundings of fuel containers is equally of increasing significance
and concern. Numerous interacting parameters that result from
the transient changes in the local conditions or specific features
of design, control the phenomena involved in a complex and
often unknown manner. There is a need to understand better
the nature of these processes and identify the potential and
extent of fire hazards so as to develop effective guidelines for
their control. Full scale testing of fuel tanks to assess their fire
hazard or evaporative emissions, apart from being too expensive
and time consuming is specific to a set of configurations. It
would not account adequately for the contribution of numerous
influencing factors to the associated transient phenomena in-
volved. Obviously, comprehensive models that can describe
reliably the events that take place within liquid fuel tanks can
serve as a useful tool for dealing with the corresponding issues
of fire hazards and safety.

Fire hazards within liquid fuel tanks that are partially empty
relate closely to the transient processes of vaporization and
convective mixing of the vapor produced off the liquid fuel
surfaces with the overlaying atmosphere of air. Of particular
concern is the possible formation of a flammable atmosphere
within such containers for part of the time and the subsequent
slow release of fuel vapor into the outside atmosphere when
the tank is left either fully or partially open to the outside. There
is a need to establish whether a flammable region will be formed
within a tank and how it may develop in size and location
with time. Moreover, how much time is subsequently needed
to render the whole contents of the vessel too rich in fuel vapor
to fail supporting a flame.
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Analytical studies of the transport processes involving the
simultaneous presence of differences in temperature and varia-
tions in concentration in confined spaces in which a lighter gas
is overlaying a heavy vapor tends to be few since they are
computationally demanding (Cussler, 1992). Markham and Ro-
senberger (1980) used a two-dimensional model and considered
the concentration and velocity profiles of liquid vapor of a
molecular weight greater than air (Benzene). Their study was
limited to a steady state, constant property and isothermal mass
transfer.

Bunama and Karim (1997a) modeled the formation and mix-
ing of liquid fuel vapor with the overlaying air within a vertical
circular cylindrical tanks. The diffusive flow of air towards the
interface from a higher concentration at the ambient produces
a balancing outward convective flow of air and vapor away
from the interface. This results in an enhanced diffusion and
accelerated spread of the vapor.

The negative solutal buoyancy and cooling at the interface
both tend to act as suppressants to the flow field, but convective
transfer tends to have a noticeable role, especially at the early
stages of the diffusion process when the space above the liquid
surface is not yet saturated with the vapor. Moreover, a local
positive thermal buoyancy occurring near the vessel walls such
as due to a higher wall temperature relative to a cooler interface,
enhances the mass transfer processes. In order to understand
and describe such complex transient formation of fuel vapour-
air mixtures typically within the confines of a cylindrical vessel,
a comprehensive analytical model that includes the effects of
convection, temperature gradients and variations in transport
properties was described by Bunama and Karim (1997b).

The present contribution describes results of a parametric
study obtained while using this analytical model, with the objec-
tive of investigating the combined effects of convection, energy
transport, and variable properties on the formation of fuel vapor-
air mixtures above a liquid fuel surface within the confines of
a vertical cylindrical container. The effects of changes in ambi-
ent and wall temperatures, presence of liquid traces on the walls
and vessel geometry on the transient formation of these mixtures
can be made. In paralle] with the analytical model the results
of a corresponding experimental investigation is made. The rela-
tively high volatility n-Pentane was chosen to represent the
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Fig. 1 Schematic representation of the cylindrical vessel arrangement
considered in the experiments and modeling

lighter fuel fractions in commercial fuels that through their early
evaporation contribute to much of the initial fire hazards within
fuel tanks.

It was shown then that the employment of relatively simple
transient mass transfer modeling approaches that are based on
one-dimensional fixed property simulation produced results that
were significantly different from those obtained when more
comprehensive modeling approaches are employed. These in-
volved three-dimensional axisymmetric simulation that ac-
counts for changes in the local temperature and properties aris-
ing from the effects of continued fuel vaporization, heat transfer,
and the resulting fuel vapor diffusion into the overlaying air.
These later approaches were shown to produce results that tend
to be in much better agreement with the limited experimental
results available.

Another important related feature that has serious safety im-
plication to fuel containers is the fact that when an ignition
source is introduced into the space within a fuel tank and a fire
flash develops, then the consumption by fire of much of the
fuel vapor present would not ensure necessarily safety from
subsequent flashes (Karim and Zhang, 1992). As long as some
liquid fuel remains present somewhere within the tank that is
in communication with the outside atmosphere, then given time,
a flammable region will develop once more—albeit in the pres-
ence of some vitiated air. This can lead in the presence of an
ignition source to yet another fire spread that consumes part of
the fuel vapor developed. This repeated fire flashing resulting
from the continued formation of flammable regions and their
consumption by fire is much too complex to be simulated reli-
ably analytically, and a resort to experimentation at present is
needed for its examination.

Analytical Formulation

The system examined, as shown schematically in Fig. 1., is
an open-topped vertical cylindrical vessel of radius (R). The
lower part of the vessel contains a stagnant liquid fuel to a
shallow depth at atmospheric pressure. The upper part of length
(L) is assumed initially to contain air or air plus traces of the
vapor at an initial uniform known concentration. The vessel
side walls can be either dry or wetted uniformly to various
extents with a liquid film. The transfer processes are initiated
by assuming that surface of the stagnant liquid becomes exposed

Journal of Engineering for Gas Turbines and Power

promptly to the air above it. With time, the evaporation pro-
cesses proceed with the resulting vapor diffusing upwards to-
wards the opentop. Some air enters from the surrounding atmo-
sphere and diffuses downwards towards the lower air concentra-
tion at the gas/liquid interface. Hence, a varying concentration
gradient becomes established with time along the vessel axis.
A steady-state condition may be eventually reached. The two
parts are considered initially to be each at a uniform temperature
that can be either equal or different from the surrounding ambi-
ent temperature. Also, the side walls of the vessel can be at a
temperature either similar to that of the ambient or higher.

As some of the liquid evaporates, the supply of the latent
heat of vaporization from the surface of the liquid cools down
the interface that results in the establishment of temperature
gradients within both the liquid and the overlying space in the
vessel. These gradients of concentration and temperature control
directly the transfer process and significantly affect the transport
and thermodynamic properties of the mixture. Accordingly, the
spatial and time variations of temperature and concentration
profiles could be determined.

The governing equations for this axisymmetric two-dimen-
sional system are the coupled unsteady momentum, species,
and energy conservation equations for the gaseous phase. The
thermodynamic and transport properties were taken to be vari-
able and their equations were solved simultaneously along with
the conservation equations. The energy equation for the liquid
phase is also included to determine the temperature distribution
in the liquid. The tank was assumed to be axisymmetrically
cylindrical and vertical. A full statement of these governing
equation together with the corresponding boundary conditions
have been described elsewhere (Bunama and Karim, 1997b).
The numerical procedure followed for their solution was also
described. Throughout changes in the properties of the local
mixture due to changes in temperature and concentration were
accounted for.

Analytical Results and Discussion

Figure 2, for n-Pentane vaporization and spread into air,
typically shows how the calculated lean limit boundary of the
developed flammable zone progresses along the vertical cylin-
drical vessel, with unwetted side walls with time. This fuel lean
boundary is always well ahead of the rich limit boundary that
is on the side of the fuel surface. It can be seen that after a
certain time from the commencement of the exposure of the
liquid fuel surface to the air, the lean limit progression reaches
the outlet of the tank. After the elapse of some further time,
the rich flammability limit boundary arrives at the outlet. This
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Fig. 2 Predicted lean and rich flammability limits boundary displace-
ment with time and the resulting flammable zone
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Fig. 3 Typical streamline distributions at different time intervals for two
cases of side vessel walls wetting conditions, with n-pentane diffusing
into air

will render the whole contents of the vessel too rich to support
a flame initiated from an ignition source somewhere within the
tank. Moreover, a flame anywhere just outside will be unable
to lead to a flame flashing within the tank. The corresponding
variation in the size of the flammable zone with time is also
shown. It indicates a gradual growth in size throughout the time
period when the lean limit concentration progresses upwards
towards the open end of the tank. Beyond this period, the size
of the flammable zone decreases somewhat more rapidly as the
rich limit progresses upwards towards the open end. Beyond
this time the flammable zone disappears altogether from the
tank and remains usually so afterwards.

Accordingly, on this basis it can be seen that during the
development of the flammable zone within the tank, there is a
time when only an ignition source within the tank can lead to
a flame flash. But, once the lean flammability limit concentration
boundary reaches the outlet of the tank, then an ignition source
just outside the tank outlet can also produce a flame flash within
the tank contents. :

The exposure of a liquid fuel surface within a vertical cylin-
drical container will involve in time the spread of fuel vapor
upwards into the air due to the combined effects of diffusion
and convection. Flammable mixtures will be formed and spread,

70 / Vol. 121, JANUARY 1999

while varying in size and location, at rates depending on the
physical properties of the liquid, the initial concentration of
fuel vapor in the air, geometrical configurations, and initial
temperatures of the liquid, walls, and air, These flammable mix-
tures can be generated very rapidly, initially at locations imme-
diately above the initial liquid fuel-air interface. Later on, as
much fuel vapor diffusion takes place, the flammable region
not only grows in size considerably, but also tends to move
upwards bounded by a too fuel rich zone on the side of the
liquid fuel surface and a too fuel lean region on the upper air
side. Obviously, the phenomena involved will be modified at
any location, not only by the changes in density and concentra-
tion, but also by the fact that the local temperature is likely to
be changing as a result of the thermal requirements associated
with evaporation and heat transfer. This will tend to cool the
temperature of the liquid surface and the vapour-air layers above
the liquid surface as well as setting a temperature gradient
within the liquid. Accordingly, as indicated earlier, our model-
ing of these processes in full while accounting for these changes
provide a much better agreement between calculated and mea-
sured fuel concentrations corresponding to the lean limit pro-
gression in the vessel with time. The corresponding predicted
concentrations and their changes with time on the basis of con-
stant temperature and property values displayed a significant
deviation from those of the experiment (Bunama et al., 1995).

Figure 3(a, b) shows a typical development of the calculated
streamline distribution with time both for a dry cylinder side
wall and when wetted uniformly with a fuel to the extent of 50
percent of the cylinder height. It can be seen that a very diverse
flow regime is developed with time controlled through the inter-
action of the solutal and thermal buoyancy forces. This multidi-
mensional behavior of the flow field would result in a complex
flammable region which justifies the need for the detailed model
used to predict the flammable region development in space and
time. The time required for the flammable region to sweep out
of the vessel is very markedly reduced with the increased level
of fuel wetting of the side walls. It would also represent an
increased level of hazard and especially in case of an ignition
source or a flame existing just outside that can lead to a flash
fire within the vessel.

Changes in the initial temperature of the system fuel, air, and
walls produce significant changes in the size of the flammable
region and the times required for the lean and rich limits bound-
aries to reach the container outer rim. As can be seen in Fig.
4, reducing the temperature not only increases the size of the
flammable zone but also prolongs the time needed to render the
contents of the whole vessel nonflammable. Moreover, for cases
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Fig. 4 Effects of the initial temperature of fuel, air, and vessel walls on
the maximum flammable zone size and on the arrival times of the lean
and rich flammability boundaries at the vessel outer rim
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when the overlaying air initially contained some fuel vapour
homogeneously mixed with it at concentrations represented as
a percentage of the corresponding lean limit, it can be typically
seen in Fig. 5 that although the time requirements to have the
lean limit boundary arrive relatively quickly at the outlet of the
vessel, the size of the flammable zone is extended very markedly
while the total time required to render the contents of the vessel
nonflammable is hardly affected. Thus, it can be seen from
these calculated results that having full wetted walls, reduced
ambient temperature, or the presence of pre-evaporated fuel
with the air represent increased fire flash hazards in liquid fuel
containers that are partially empty while they are exposed to
the outside atmosphere.

The vaporization, convective diffusion, and flame spread phe-
nomena were experimentally examined within smooth circular
long vertical glass cylinders of varying lengths of up to 3.00 m
and with different diameters varying from 25 mm to 100 mm.
The typical tube arrangement is similar to that shown schemati-
cally in Fig. 1. These cylinders, which were either fully open
to the atmosphere or partially closed with a circular central,
aperture, initially contained only air. Some liquid fuel was
promptly introduced at the base of the cylinder without contami-
nating the air with fuel vapor. The procedure employed to
achieve this was through having to remove the base of the vessel
while introducing the fuel in a shallow tray of a similar diameter
so as to suddenly produce at the required time a vessel with a
pool of liquid fuel at its base. This procedure was shown to be
effective and produced repeatable results. The temperature of
the liquid fuel could be made different from that of the overlay-
ing atmosphere by external jacketing with ice or hot water. Of
particular concern was the establishing at any specific location
within the vessel the minimum time required to form a flamma-
ble region. This was determined through the mounting of hori-
zontal ignition electrodes along a diameter within the tank at
the location of interest and finding out through intermittent
deliberate sparking whether a propagating flame can be initiated
then or not. This approach could establish the minimum time
requirements to produce a flammable mixture at any location.
A similar procedure can be followed to determine whether after
a certain time period the concentration of the diffusing fuel
vapor in the space within the tank becomes sufficiently high at
that location that no flame can propagate.

Much of the work carried out involved the use of the rela-
tively volatile fuel n-pentane. The passage of an electric spark
for this local flammability testing was ensured not to affect
the diffusional processes. The period between the passage of
consecutive sparks was typically varied between two to twenty
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Fig. 6 Variations with time of the measured temperature of the liquid-
gas interface

seconds depending on the lapse of time from the commencement
of the diffusion. Also, the characteristics and energy of these
intermittent sparks used to monitor the first development of a
propagating flame was strictly controlled since using highly
energetic sparks could ignite mixtures and produce a localized
flame flashes within mixtures that may not be wholly flammable.
Prolonged application of the spark during the early stages of
the diffusion was unnecessary and also avoided.

Experimental Results and Discussions

Figure 6 shows experimentally how the temperature around
the base of the fuel tank changes with time when initially the
whole liquid and apparatus were at the same temperature as
that of the air. It can be seen for a typical case that a significant
drop in temperature of the liquid fuel surface of around 10°C,
is produced due to the effects of liquid fuel vaporization. More-
over, the walls of the base of the tank undergo similarly cooling
as a result of heat transfer.

The progress of the lean limit concentration along the tube
with time when, established experimentally on the basis of the
time to the first successful flame flash at a specified location
from a periodic electric spark as described earlier, is shown in
Fig. 7 for two initial ambient temperatures of 22°C and 2.5°C.
The slower progress of the lean flammability limit front at the
lower temperature is evident. However, following a first flame
flash while leaving the fuel vessel and the whole system undis-
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Fig. 7 Variation of the minimum time needed to achieve the required
lean limit concentration at different heights above the liquid fuel-gas
interface for two different temperatures
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turbed, the time needed to produce a second flame flash, as can
be seen in Fig. 8 tends to increase approximately linearly with
locations above the fuel surface. Moreover, this time period for
any location along the vessel appears to be approximately of
the same order as the time needed to form a flammable mixture
the first time. Evidently the effects of vitiation with combustion
products were counter-balanced by the heating due to energy
release effects aiding both the fuel vaporization and the diffu-
sional processes of fuel vapor and fresh air. It can also be seen
that doubling the height of the vessel while keeping the diameter
the same, reduced this time period between two consecutive
flame flashes substantially. This is probably due to the reduced
contribution of the dilution of the atmosphere within the larger
capacity vessel and the greater availability of unconsumed air
that can descend faster to replace the products of combustion
and produce a flammable zone once more. Similarly, a colder
ambient and fuel liquid temperature of 2.5°C generated more
quickly a flammable mixture at any location. The faster convec-
tional processes as a result of the much increased buoyancy
forces speed up the scavenging of the products of combustion
and their displacement by a heavier fresh air. The unconsumed
fuel vapor adjacent to the surface of the liquid within the too
rich region will provide some of the fuel vapour needed more
readily as it becomes a little warmer and more agitated by the
flashing flame propagation and subsequent diffusional pro-
cesses. Moreover, the size of the flammable zone and conse-
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flame flashing at a fixed sparker focation above the liquid fuel-gas inter-
face
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quently mixture requirements, are reduced significantly with the
lowering of the temperature.

Figure 9 shows experimentally that changes in the diameter
of the vessel with dry clean walls has only minor effects on the
time needed to generate the first flame flashing. A small ten-
dency to increase this time can be noted with larger diameter
vessels, probably as a result of the reduced relative contribution
of drag at the walls to the convective and diffusional processes.
It was also evident that partially restricting the emergence of
fuel vapour through having a partially open tank, speeds up the
diffusional processes and permits a substantial reduction in the
time between consecutive flame flashing, in comparison to the
case of a fully open vessel. This is also reflected when a reduc-
tion in the diameter of the vessel is employed.

Much of the results shown were obtained at this stage for the
relatively volatile fuel n-Pentane. However, it would be ex-
pected that changes in the type of the fuel though will show
qualitatively similar trends, quantitatively a big difference can
be observed. For example, Fig. 10 shows the variation of the
predicted lean flammability limits relative displacement within
the vessel with time for the three fuels benzene, n-pentane and
methanol. It can be seen that as a result of the combined effects
of the transfer processes involved the progress of the lean limit
boundary for methanol is significantly slower than those for n-
pentane and benzene. Fig. 11 shows the calculated variations
of the rate of liquid fuel evaporation and subsequent rate of its
emergence from the vessel with dimensionless time for the three
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Fig. 11 Predicted relative evaporation rate of fuel from the liquid-gas

interface and fuel vapour subsequent rate of emergence at the vessel
outer rim for n-Pentane, Methanol and Benzene

Transactions of the ASME

Downloaded 02 Jun 2010 to 171.66.16.118. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



2000 L ¥ L) L) L) L] ¥ L] L)
= n-Pentane & Hexadecane
= Tamb=22°C o
o L=0.457m
= o o
£ " p-esmm '
& /
] »

1200 | 4
7
g L7 e
L 800f o -
a - <
= . =g
e S ]
© 4o} ]
o
E
E

1 1 1 | o ..J -“ -w‘
ol 10 20 30 4 50 60 70 80 90 100

Hexadecane, (vol. %)

Fig. 12 Effects of adding hexadecane to n-pentane at different mixture
ratios on the time for the first flame flashing

fuels when reckoned relative to the minimum amount of fuel
needed to render the whole vessel volume at the lean limit.
Similar trends are evident. However, as shown in Fig. 12 experi-
mental results obtained for various binary mixtures of the vola-
tile n-pentane, and the very much less volatile hexadecane, the
minimum time requirements to produce a flammable mixture
at a location around half way through the vessel increases very
markedly as the volatility of the fuel mixture is reduced. This
indicates that in fuel mixtures, such as commercial fuels that
contain only small fractions of highly volatile components, the
contents of the vessel will remain for a very substantially longer
time than for n-pentane liable to fire spread and thus represents
a greater fire hazard.

Conclusions

¢ The formation of flammable regions, their growth and de-
cline within the confines of a vertical cylindrical tank con-
taining initially air with unvaporized liquid fuel (n-Pentane)
at the base can be established from the transient development
of the local lean and rich flammability limits concentrations.
o Three time phases can be identified consecutively in this
development. The first is associated with the flammable re-
gion located entirely within the vessel. The second begins
after the lean limit boundary has reached the top while the
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rich limit boundary is still within. The third phase begins
after both the lean and rich limit boundaries have arrived at
the tank top rendering the whole contents too rich to support
a flame.

e following some of the observations made experimentally:
(1) the progress of the lean limit front upwards is slowed
with lowering the system temperature; (2) in the presence
of an ignition source, a flame flash may develop. This is
followed after the lapse of some time by yet another flame;
(3) the time interval between any reoccurring flame flashing
increases approximately linearly with the height of the igni-
tion source from the liquid fuel surface; (4) the evaporation
of the liquid fuel at the liquid-gas interface resulted in a
local temperature drop that significantly affected the mass
transport processes involved; (5) changes in the diameter
of the vessel, for the same height, has only a minor effect
on the time needed to generate first flame flashing; (6) the
diffusional processes in a partially open tank tend to be
somewhat faster than those in fully open tanks; and (7)
reducing the concentration of volatile components in liquid
fuel mixtures will render the contents of a fuel tank more
likely to undergo a flame flash for longer times than those
rich in volatile components.
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The Effect of Time of Exposure
to Elevated Temperatures on the
Flammability Limits of Some
Common Gaseous Fuels in Air

The flammability limits of methane, ethylene, propane, and hydrogen were experimen-
tally determined at elevated initial mixture temperatures up to 350°C at atmospheric
pressure for upward flame propagation in a steel test tube apparatus. The existence
of preignition reactions at these levels of temperatures that may influence the value
of the flammability limits was also investigated. The fuel-air mixtures were exposed
to elevated temperatures over different periods of time before spark ignition (up to
2 h). It was shown that the flammability limits for methane widened approximately
linearly with an increase in the initial mixture temperature over the entire range of
temperatures tested and were not affected by the length of the exposure time to these
temperatures before spark ignition. However, different behaviour was observed for
the flammability limits of the other tested fuels—ethylene, propane, and hydrogen.
At higher temperatures the flammability limits narrowed and were very significantly
affected by the exposure time. The longer was the exposure time of fuel-air mixtures
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to the elevated temperatures, the narrower were their flammability limits.

Introduction

Alternative gaseous fuels are increasingly employed in indus-
trial gas turbines installations in a variety of applications such
as the production of power and for gas compression. This is
prompted by their increased availability at attractive prices as
well as by their potential for reduced emissions in comparison
to liquid fuels. It is essential to ensure in such applications the
safety against the risk of fire and explosion. The knowledge of
the flammability limits is important in assessing these hazards.
Although much research has been conducted in the field of
flammability limits there are still many questions that cannot
be answered adequately. For example, there are many industrial
processes conducted at elevated temperatures and a knowledge
of the corresponding flammability limits is needed for safety
considerations. Reference to the literature indicates that at pres-
ent only very limited such data are available (Coward and Jones,
1952; Zabetakis, 1965; Bunev, 1972; Hustad and Sonju, 1988).
The apparatus used to determine the flammability limits as well
as some operational conditions (e.g., temperature, pressure, di-
rection of flame propagation, and ignition source) are usually
described, while the time of exposure of fuel-air mixtures to
elevated temperatures before spark ignition is usually not speci-
fied. However, there is the possibility that at elevated tempera-
tures fuel-air mixtures will undergo substantial preignition reac-
tions, especially when the test fuel-air mixture is allowed to
stand at this temperature for a while before ignition. It was
reported by Bunev (1972) that the time of exposure of hydro-
gen-air and methanol-air mixtures to elevated temperatures be-
fore ignition influenced significantly the rich flammability limit
determined in a relatively small spherical stainless steel reactor
with central ignition. The limit decreased when the exposure
time increased, this was attributed to existence of unspecified
preignition reactions. Moreover, for some fuel and temperature
combinations there is the possibility of surface reactions taking
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place that effectively change the composition of the mixture
(with time ) before ignition is applied (Ale and Wierzba, 1997).

The purpose of the present work was to determine the flam-
mability limits of some common gaseous fuels at elevated tem-
peratures for upward flame propagation associated with the wid-
est flammable range. Additionally, the extent to which time of
exposure of fuel-air mixtures to the elevated temperatures be-
fore spark ignition influenced the limits was established. The
existence of any preignition reaction activity under these condi-
tions was also investigated.

Apparatus and Experimental Procedure

The apparatus (Fig. 1) was in general similar to that devel-
oped and used by the U.S. Bureau of Mines in their flammability
limits work. The limits were established in a stainless steel
smooth circular tube of 50.8 mm diameter and just over one
metre in length. The tube was heated externally uniformly elec-
trically. A set of unsheathed thermocouples (K-type) was used
to monitor the wall and gas temperatures along the whole length
of the flame tube. The test tube temperature was maintained at
the required level for the desired residence time using a tempera-
ture controller. The pressure inside the test tube was monitored
using a strain gage type pressure transducer located at the top
of the tube. Ignition of the test mixture was initiated by an
electric spark discharge between two horizontal conical tungsten
electrodes. The electric power for ignition was supplied by a 10
kV, 23 mA centre-tapped transformer with its primary hooked to
a 110V, 60 Hz supply. The ignition system was optimized with
respect to the electrode gap (6.4 mm), and the spark duration
to give the widest flammability limits.

The homogeneous mixture of desired composition was pre-
pared on the basis of partial pressures in the stainless steel
mixing chamber at room temperature. It was introduced into
the previously evacuated test tube when its temperature along
the entire tube length was stabilized within £3°C of the nominal
test temperature. The gas mixture was permitted to flow from
the mixing chamber to the test tube through inlet valves located
at the top and bottom ends of the tube until the pressure within
the tube was slightly above atmospheric. The valves between
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Fig. 1 Schematic diagram of the apparatus

the mixing chamber and the tube were then closed. The time
for the gas mixture to reach thermal equilibrivm with the tube
wall usually did not exceed 30 s. The fuel-air mixture was then
kept inside the test tube for the desired residence time. To allow
the flame propagation at constant pressure, the valve at the
bottom of the test tube was slowly opened to exhaust just prior
to passing the spark. Ignition was initiated by activating the
interval timer, while the top and bottom thermocouples readings
were monitored. A sudden increase in the bottom thermocouple
reading indicated the initiation of a flame kernel around the
igniter, while a sudden rise in the top thermocouple reading
marked arrival of the flame at the top of the tube. In the case
of the flame arrival at the top of the tube, a new mixture with
less fuel for lean mixtures or with more fuel for rich mixtures
was prepared and tested again as described. In case when the
flame did not arrive a new mixture with more fuel for lean
mixtures or with less fuel for rich mixtures was prepared and
tested. The entire procedure was repeated for various fuel-air
mixture compositions until a mixture was found when the flame
would not propagate the whole length of the tube, but propaga-
tion had been achieved in the mixture with a slightly modified
composition.

A mixture was considered to be nonflammable if a flame
kernel formed in the immediate vicinity of the spark at the
bottom of the tube did not propagate the whole length of the
tube in any of the repeated tests while using the same mixture
composition. A number of experiments were also repeated to
verify the repeatability of the results.

Using this procedure the flammability limits of hydrogen,
ethylene, methane, and propane in air were determined for vari-
ous initial temperatures of up to 350°C and various residence
times of up to 2h.

Results

The flammability limits reported in this work relate to upward
flame propagation at atmospheric pressure. The limits are
quoted as the volumetric concentration of the fuel in the fuel
air mixture.

The effect of the initial temperature on the flammability limits
of methane, hydrogen, ethylene, and propane in air is shown in
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Fig. 2 for the residence time (i.e., time interval between the
time of acquiring the desired initial temperature by the fuel-air
mixture and initiation of spark ignition) of 10 min. It can be
seen that the effect of the temperature depends on the type of
the fuel.

Methane. The flammability limits of methane-air mixtures
widen virtually linearly with an increase in the initial mixture
temperature over the whole range of 21°C-350°C. No data
are available in the literature for comparison for upward flame
propagation. However, the observed trends for both lean and
rich limits were similar with what has been reported by others
in the literature (Coward and Jones, 1952; Zabetakis, 1965),
for downward flame propagation.

Hydrogen. The flammable range of hydrogen-air mixtures
also widens essentially linearly with increasing initial tempera-
ture but only at the initial temperatures lower than 200°C. The
limits were somewhat narrowed when the initial temperature
was higher than 200°C showing lower rich limits and approxi-
mately constant lean limits. This behavior of the lean limit
was unexpected and inconsistent with trends reported for lean
flammability limit of hydrogen-air mixtures at similar elevated
temperatures by Hustad and Sonju (1988). No data arc available
for comparison of the rich limits of such mixtures for upward
flame propagation.

Ethylene and Propane. For these fuels in air the flammable
range widens with an increase in the initial temperature from
21°C to 300°C with a much stronger dependence for the rich
limit. The only data available in the literature for comparison
appears to be for downward flame propagation. However, our
observed trends for upward flame propagation were similar with
what has been reported in the literature for downward flame
propagation (Coward and Jones, 1952; Zabetakis, 1965). When
the initial temperature was higher than 300°C, the rich flamma-
bility limit for both of these fuels was sharply reduced. These
limits were established in the absence of cool flames.

Effect of Residence Time. The effect of the residence time
on the flammability limits depends on the type of fuel and the
level of the mixture initial temperature.
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time as shown in Fig. 7 at the higher initial temperatures of
300°C and 350°C. The longer was the time, the higher was
the lean limit.

Continuous measurements of the temperature of fuel-air
mixtures within the test tube during the residence time
showed that the temperature remained virtually constant dur-
ing all experiments with all the fuels tested. However, the
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pressure within the test tube did not always remain constant
during the residence time. The pressure remained constant for
methane-air mixtures, decreased for hydrogen-air mixtures,
increased for propane-air mixtures, and very slightly for eth-
ylene-air mixtures. Examples of pressure variations within
the different fuel-air mixtures at the initial temperature of
350°C are shown in Fig. 8.
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Table 1

Residence Hydrogen Pressure, P, | Pressure, P, Remained Remained

Test time, Lgres X depletion measured, calculated, oxygen, oxygen,
No. min % % (X/Lp o). % kPa kPa calculated,% | measured, %

1 5 81 1.3 1.60 104.2 104.3 3.34 34

2 10 77 3.0 3.90 103.4 103.4 3.53 3.6

3 30 70 59 8.43 101.3 101.9 3.35 3.8

4 60 61 9.7 15.90 98.9 99.9 3.44 3.8

5 90 56 11.8 21.07 96.7 98.8 3.34 3.8

6 120 52 135 25.96 94.6 97.9 3.33 3.6

Discussion can be approximately estimated from the following considera-

The independence of the flammability limits of methane-air
mixtures of the residence time in the range of temperatures
tested (up to 350°C) is indicative of the absence of significant
preignition reaction activity whether due to gas-phase reactions
or surface reactions. It was also confirmed by measuring the
oxygen concentration within the. mixture, which remained con-
stant over the entire residence time.

On the other hand, the observed behavior of the flammability
limits of the other fuels tested—hydrogen, ethylene, and pro-
pane—especially, at higher initial temperatures and longer resi-
dence times is not consistent with expectation in that it shows
a reduction in the flammable range. This fact as well as the
pressure variations within the fuel-air mixtures during the resi-
dence time is indicative of some chemical activity in the mixture
taking place before spark ignition. The strong dependence of
the rich limits of these fuels on the length of the residence time
as well as the pressure variation within the tested mixtures
supports this suggestion. The rich limits are associated with
oxygen deficiency. A significant drop in the measured value of
this observed limit would suggest the need for less fuel to
consume the oxygen available or a more acute oxygen defi-
ciency existing for the fuel available at the time of passing the
spark for ignition. Some of the oxygen in the original mixture
must have been consumed through oxidation of some fuel dur-
ing the waiting period at higher temperature. Similarly, the lean
limits are associated with fuel deficiency and an increase in the
value of the limit could be indicative that some fuel could
have also been oxidized before spark ignition. Measurements
of oxygen concentration in the rich fuel-air mixtures at the
end of the residence time confirm that some oxygen has been
consumed. As an example, measured oxygen concentrations at
the end of the residence time for different hydrogen-air mixtures
(corresponding to different residence times) at the initial tem-
perature of 300°C are shown in Table 1 together with the corre-
sponding calculated oxygen concentrations (Eq. (2)).

Calculations involving detailed chemical kinetic simulation
conducted for the oxidation of hydrogen (21 reactions, 8 spe-
cies), ethylene (137 reactions, 32 species), and propane (137
reactions and 32 species ) at initial temperature of 350°C showed
an insignificant progress in the gas phase reactions of oxidation
of these fuels at residence times up to 4.5 h (Fig. 9). However,
a significant change in the value of their rich limit was observed
experimentally at this temperature even for the short residence
time of 10 min. Therefore, the observed changes in the flamma-
bility limits are most probably a result of the oxidation of these
fuels over a period of time due to catalytic action on the stainless
steel tube surface and not through gas phase oxidation. It is
well-known that some metals (e.g., steel and iron are active
catalysts for the oxidation of hydrogen and ethylene in air at
elevated temperatures (Pangborn and Scott, 1979; Baker, 1974;
Krishnankutty et al., 1996)).

Hydrogen Conversion. For hydrogen oxidation with the
simplest product, water, the extent of hydrogen conversion dur-
ing the residence time due to catalytic activity at the steel wall

78 / Vol. 121, JANUARY 1999

tions. It has been shown that the flammability limits are associ-
ated with a certain critical level of reaction temperature that is
assumed to be proportional to the calculated adiabatic flame
temperature, which has the same value under the same operating
conditions ( Zabetakis, 1965; Wierzba et al. 1996; Ale and Wier-
zba, 1997). If all the other operating conditions remain the
same, this temperature should remain constant for limiting mix-
tures irrespective of the residence time length, i.e., any catalytic
activity at the wall before ignition. Such temperature can be
estimated on the basis of the known flammability, L, measured
with very short residence time, i.e., before the onset of any
catalytic activity. For the rich limiting hydrogen-air mixtures
the following overall reaction applies:

LzH, + (1 — Lg)(0.210, + 0.79N,)

) [Lx — 0.42 (1 — L)]1H, + 0
T [0.42 (1 — Lp)1H,0 + 079 (1 — L),

At the surface of the stainless steel test tube some of the hydro-
gen is converted to water catalytically, and at the end of the
residence time the overall reaction for the limiting mixture be-
comes the following:

(Lgyes — X)H, + XH,0 + 0.79 (1 — Ly os)N2 +

[0.21 (1 = Lpes) — %]02

0.79 (1 - LR.res)N2 + [042 (1 - LR.res)]H2O + (2)
- [Lises — 0.42 (1 — Lpyes) 1 H

where Lg,. is the experimentally obtained rich limit at the
corresponding residence time, and X is the amount of the hydro-
gen converted to water (volume percent in total mixture) during
the residence time.

For an ideal gas constant volume and temperature condi-
tions, changes in pressure are proportional to changes in the
number of moles of the mixture or the pressure at the end of
the residence time, P,, is expected to be lower than the initial
pressure at the commencement of the residence time, P,

according to
X
P, = P1<1 - —2—> .

Oxygen concentration in the mixture at the end of the
residence time can also be calculated from Eq. (2), and com-
pared with those determined experimentally. As it can be
seen from Table 1, the calculated values of the final pressure
and oxygen concentration are in fair agreement with the ex-
perimental values. This supports the validity of the proposed
approach.

(3)
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Similar approach can be used for ethylene and propane
conversion on the steel surface if more information about
products of their oxidation during the residence time is avail-
able.

Conclusions

¢ The residence time and the type of the test tube surface
should be taken into consideration when determining the
flammability limits at elevated temperatures.

¢ The flammability limits of methane in air widen with in-
creasing the initial mixture temperature over the entire range
of temperatures tested, i.e., from 21°C to 350°C. They are
not affected by duration of the residence time and there is
no chemical reaction activity during this time.

¢ The flammability limits of hydrogen, ethylene, and propane
widen with increasing temperature up to a certain tempera-
ture level. With further increase in temperature the limits
are narrowed with a significant drop in the rich limit value.
At this temperature level the flammability limits depend on
the duration of the residence time (before spark ignition).
The higher initial temperature of the fuel-air mixture and
the longer residence time, the smaller is the value of the
rich limit.

e The narrowing of the limits is suggested to be mainly due
to catalytic reactions on the stainless steel surface of the test
tube.

s A simple method was proposed that allows estimate of
the hydrogen conversion to water due to surface reactions
within the steel test tube during the residence time fairly
accurately.
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The Development of a Computer
Code for the Estimation of
Combustor Exhaust Temperature
Using Simple Gas Analysis
Measurements

Advances in gas turbine technology have led to levels of turbine inlet temperature
that preclude the use of thermocouple and simple gas analysis techniques for gas
temperature determination. Simple gas analysis schemes rely on the measurement of a
very limited range of species in the gas sample: typically, CO,, CO, and hydrocarbons
(UHC). A method of estimating the other important species is required. Simple gas
analysis schemes that rely only on elemental mass balance equations to determine the
concentration of species are inadequate where high temperature results in significant
dissociation. A method has been developed to enable temperature determination at
levels that render simple schemes inaccurate. The procedure is based on the measure-
ment of CO,, CO, UHC, and oxides of nitrogen in the exhaust gas. Other species
concentrations are calculated using an assumption of partial thermodynamic equilib-
rium. This allows the calculation of many important combustion parameters. The
method has been implemented as a computer code, with an object orientated design
approach using the C++ language. The paper details the theory behind the approach
and its implementation. The expected errors for practical applications are discussed
and quantified. The method is illustrated by an exhaust temperature pattern factor
investigation of an annular combustor. Temperatures determined by thermocouples

R. J. Bideau

Combustion Technology Center,
Aero and Industrial Technology Ltd.,
P.0. Box 46,

Burnley BB11 4BX, Lancashire,
United Kingdom

are compared with those calculated from gas samples.

Introduction

The temperature distribution at the exhaust of a gas turbine
combustor is not uniform, as there is insufficient time available
for perfect mixing to take place. The distribution of temperature
is a key parameter in the design of the cooling of the down-
stream stator and rotor elements, and, hence, knowledge of
the temperature distribution is important in characterising the
performance of a combustion chamber. Thermocouples have
been used extensively to determine temperature profiles but
are limited in their maximum temperature capability. Platinum/
Rhodium thermocouples cannot be used above a temperature
of approximately 2000 K and even at this temperature the life
is short. The current trend towards combustors of higher mean
exhaust temperature has resulted in the need for an alternative
method.

A method has been developed to allow the gas temperature
to be calculated from the measurement of exhaust gas species.
The method, known as temperature by gas analysis (TBGA)
allows measurements to be taken beyond the limitation imposed
by thermocouples. The technique does introduce its own set of
difficulties; the main problem is that, using currently available
technology, it is impractical to measure all of the species in the
exhaust in a time scale allowed by practical combustion tests.
Instead, only a limited set of species can be measured; the rest
must be calculated using a combination of assumptions and
conservation requirements.

Contributed by the International Gas Turbine Institute and presented at the
International Gas Turbine and Aeroengine Congress and Exhibition, Stockholm,
Sweden, June 2-5, 1998. Manuscript received by the ASME Headquarters April
1, 1998. Paper No. 98-GT-180. Associate Technical Editor: R. Kielb.
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The method presented here has been developed specifically
to bring together rigorous thermodynamics, numerical solution
techniques and a modern object oriented programming tech-
nique. The emphasis has been on devising a method that is
applicable to practical combustion testing; the intended applica-
tion is the determination of combustion chamber exhaust tem-
perature distribution.

Measurements

In general, combustion involves the reaction between a fuel
and an oxidant to give combustion products. To allow calcula-
tions to be performed, measurements are required to determine
the thermodynamic state and concentration of the reactants and
products of the combustion process.

The product composition is determined by sampling a number
of chemical species within the product gas. The methods devel-
oped in this paper are based on the measurement of the exhaust
species CO,, CO, UHC, and oxides of nitrogen. The accuracy
of the method can be improved by measuring additional species.
The emphasis here, however, is to present a practical method
that can be used in routine combustion tests with commonly
available equipment.

The fuel composition, temperature, calorific value, and in
some cases specific heat capacity must be known. The composi-
tion and temperature of the oxidant must be measured. In the
case of the most commonly used oxidant, air, the composition
can be determined by measuring only the water content since
the composition of dry air is known.

Development of the Algorithm

The reaction between a hydrocarbon fuel and an oxidant can
be represented in general by Eq. (1).
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Fuel + Oxidant — Products (1)

Within a gas turbine combustor, combustion can be consid-
ered to be a steady flow process to which the steady flow
energy equation can be applied (Rogers and Mayhew, 1980).
Within the combustor, changes in kinetic energy and gravita-
tional potential energy are dominated by the heat release due
to chemical reaction. In addition, no work is done on the
surroundings and the heat loss to the surroundings is small.
Without significant error, only the enthalpy terms need be
considered: there is merely a redistribution of energy from
chemical to sensible.

Using the energy equation, provided that the enthalpy
of the reactants and products can be evaluated, then the
" temperature of the products can be calculated. The problem,
then, is that of determining the reactant and product compo-
sitions.

In general, the products consist of a very large number of
species only a few of which are present in concentrations
that make a significant contribution to the total enthalpy.
The species list has been arrived at by considering a much
larger set of species and then eliminating those that are found
to have no significant bearing on the solution. This process
has led to the same set of species as that used by other
workers in the field of flame temperature (Ferguson, 1985a;
Strehlow, 1984a).

With the restricted species list, the general combustion equa-
tion can be written as

C.HzO0,NsS Arp + R(CH,\O,N,S Ar,) —
mCO; + nyCO + nHO + nyH, + 150, + neN,
+ 1,0 + ngH + nyOH + 1N + n;;NO + 1n,,NO,
+ ni3Ar + 71,80, + 77 (CH,O-N,S,Ary)  (2)

For each element, a species conservation equation can be writ-
ten, as follows:

a+ Rk —n—n—mnn; =0 (3)
B+ RN—2n— 210, — g — hg — whyy =0 4)
Y+ Rr — 20 —ny— hn3 — 205 — 7 — Ry
—fy — 20 — 20y — TR =0 (5)
6+ Ro —2ng —nmy— 1y —hyp— pnyy; =0 (6)
e+ Ry —ny—yYny =0 (7
O+ Rv—n3—dny; =0 (8)

In addition, an equation can be written for the total number of
product moles; as follows:

The exhaust concentrations of CO,, CO, UHC, NO, and NO,
will be measured on either a wet or a dry basis. Here it is taken
that CO, and CO will be measured fully dry and the remaining
species measured fully wet. Thus, the following constraints can
be put on the solution:

Nomenclature

n = Ny1<1 - T”\I?-) (10)
n2=Ny2<1~—%> (11)
ni; = Ny, (12)
ny = NYu (13)
nia = Nyp (14)

The treatment of enthalpy, and in particular of heat release,
can be simplified by considering the absolute enthalpy (Streh-
low, 1984b) of all species. The absolute enthalpy of a species
is defined as its enthalpy of formation at a standard reference
state plus the sensible enthalpy above that reference state.

hans(T) = (Ahg)aggss + (B(T) — haogis) (15)

By defining the enthalpy of all reactant and product spe-
cies in this way, the overall enthalpy conservation require-
ment can be expressed simply as the reactant enthalpy being
equal to the product enthalpy. The advantage of this ap-
proach is that the heat release due to combustion is automati-
cally taken into account. The fuel enthalpy of formation can
readily be calculated if the calorific value and composition
are both known. For the generic fuel used, the enthalpy of
formation can be determined from the calorific value and
composition according to Eq. (16).

(AR} )per = (CV)pua + (AR} )coy)

B

+ 5 (Ao + e(Ahf)soy (16)

The enthalpy conservation requirement can be stated simply
according to Eq. (17).

2 (nihi) - hfuel - Rhoxidant =0

The given equations are insufficient to define a unique solu-
tion; to proceed, simplifying assumptions must be made. For
temperatures below about 2000 K (depending on the pressure
and accuracy requirements) it is often permissible to assume
that species 4, 7, 8, 9, and 10 have zero concentration. In this
case, the measurements are sufficient to define a unique solu-
tion. At higher temperatures such an assumption leads to an
over-prediction of temperature.' A better assumption is that of
partial chemical equilibrium at the flame temperature subject to
the constraints imposed by the measured species.

The general requirement for a system at constant pressure
and temperature to be in chemical equilibrium is that the Gibbs
function for the system is a minimum (Zeleznik and Gordon,
1968). It is possible to construct equations based on this tech-
nique. The system Gibbs function can be minimized, subject to
species conservation using the method of Lagrange ( Grossman,
1988).

Such a method had been developed by the author for applica-
tion to gas analysis. This approach shares some similarity to

(17)

h = enthalpy
AFR = gravimetric air to fuel ratio.
UHC = unburnt hydrocarbon.
hy.s = absolute enthalpy
Ah = enthalpy change.
K = equilibrium constant.
CV = lower calorific value.

Journal of Engineering for Gas Turbines and Power

1 = chemical potential.

P, = standard state pressure.
P = reaction pressure. T
R = molar air to fuel ratio. R, = molar gas constant.
N = total number of product moles.
n = moles of product.

y = measured species
mole fraction.
temperature.

fl

C.HzO,N,S:Ar, = fuel.
N

wHoOzN, S, Ar, = hydrocarbon.
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Table 1 Definition of equilibrium constants

Reaction Equilibrium Constant | Derived Expression
VaH,e>H K,=PyPu," ne=Kn,"N*p”*
120,00 K;=PoPor-V2 n-,=Kzn5V’NV’P'V’
¥:0,+H,00H _ | Ki=PoPo, Py no=Ksns"n "

ViN,oN Ks=PxPyy " ny0=Ksng"N"P"
H+40,6H,0 Ke=Pii0Pu2 Pos” ny=Kenyns PN
H,0+40,6520H | Ky=Poi*Przo ' Poy " | no=(Kynyns"N"P)"
H002H+40, | Ky=PuPo; " Przo” [ ne=(Kynans*(N/P)')*

that developed by other workers (Gordon and McBride, 1976;
Zeleznik and Gordon, 1968) for calculating the equilibrium
product composition for a given reactant composition. The ma-
jor difference in this case is that the reactant composition is a
function of the AFR which is itself an unknown. A solution
can be obtained by adding the AFR as a dependant variable
and reformulating the remaining equations accordingly.

The foregoing analysis includes the implicit assumption
that the exhaust gas is spatially uniform in its composition
and temperature. This, of course, is not the case and for
practical applications there will always be concentration and
temperature variation. For the method to be valid, it must
be assumed that the transport of heat and species always
occur at the same rate and by the same mechanism. If this
assumption was violated then the temperature of a given
gas sample would depend on heat transfer with neighbouring
gas samples. It has been pointed out (Scott, 1991) that pref-
erential diffusion of species of low molecular mass; princi-
pally, H, and H from high temperature regions to low tem-
perature regions could be a serious source of error. The
current justification for neglecting these effects is based
on comparisons of gas temperatures from TBGA and from
thermocouples an example of which is given later.

Gibbs Minimization Formulation. The Gibbs function
can be minimized subject to the constraining equations by the
method of Lagrange. A function F is defined according to Eq.
(18).

F=ZFnu + N3]+ N[4] + ME5T + A[6] + Ns[17]  (18)

The quantities denoted N are Lagrangian multipliers and the
terms appearing in square brackets are the species and enthalpy
conservation equations that must be satisfied. The quantity u;
is the chemical potential of the i™ species in the product list.
The product mixture is assumed to behave as an ideal gas,
hence, the chemical potential can be written as

P
c= 00+ RTIn | 2=
Hi = H n<NP0>

(19)

The solution is obtained by taking partial derivatives of equa-
tion Eq. (18) with respect to the amounts of unknown product
species (the n; for unmeasured species ), the molar AFR, R, the
total moles of product N, the reaction temperature 7, and the
Lagrangian multipliers. For a minimum to exist, all of these
partial derivatives must be simultaneously zero. The resulting
system of nonlinear equations can be solved using a multidimen-
sional Newton method, details are given later.

Equilibrium Constant Formulation. An alternative for-
mulation has been used in addition-to the Gibbs minimization
approach. This possesses certain advantages in terms of the ease
with which the resulting equations can be solved.

This method expresses relations between species in terms of
equilibrium constants. This can be shown to be equivalent to
the method of minimizing the Gibbs function (Zeleznik and
Gordon, 1968).

Table 1 gives the equilibrium constants that are of use in
formulating the solution. Not all of the relations given in the
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third column of table 1 are required; the set that is actually
chosen depends on consideration of the stability of the solution
technique.

The equations can be solved as a system of simuitaneous
nonlinear equations using the method of Newton (Press et al.,
1992a). To do this, a set of independent variables must be
chosen. A suitable set has been found to be the following:

The molar AFR

The temperature

The moles of H, in the product (n,)

The moles of O, in the product (ns)

The moles of N, in the product (xg)

The total number of moles of product (N)

AN R W~

Using this set of variables, the equilibrium constants can be
used to express the elemental conservation equations in terms
of either measured quantities or the set of independent variables.
To find the solution, six equations are required. These are the
first four elemental conservation equations, Eq. (3) to Eq. (6),
the fifth is Eq. (9), and the final equation is the enthalpy resid-
ual, Eq. (17).

Solution to both the Gibbs and equilibrium constant formula-
tions is brought about using a multidimensional Newton
method. A great deal of experimenting with different techniques
and variations has been performed in order to select a method
that is both fast and robust. The method of Broyden (Burden
and Faires, 1889) was found to be fast but not robust with
divergence frequently occurring if the starting approximation
was not good. The disadvantage of the Newton method is that
the Jacobian matrix is required for each iteration. Whilst this is
not a major problem, the analytical expressions for the compo-
nents of the Jacobian are tedious to derive. The current algo-
rithms instead use a finite difference approximation to calculate
the Jacobian. Whilst this increases the operations count, it still
preserves the stability of the Newton method. Some form of
guidance strategy has been found to be necessary to ensure
convergence in some difficult cases. The Newton method can
be embedded in a ‘‘globally convergent’’ strategy (Press et al.,
1992b). Basically, if a Newton step would increase the residual,
a scaled step is taken such that the function residuals are mini-
mized along the Newton direction. This method can still fail if
the solution temporarily wanders outside the domain of physical
possibility for the independent variables; for example, a nega-
tive product concentration. A customized guidance strategy has
been formulated that uses knowledge about the permitted and
forbidden regions of the solution. The Newton direction is al-
ways followed, but, if it would take the solution into a forbidden
region, the magnitude of the step is reduced by a small multipli-
cative factor, This strategy has been found to give an extremely
robust algorithm.

It is necessary to obtain an approximate solution to start
the main solution algorithms. This is easily accomplished by
simplifying the species list in the combustion equation so that
all products of dissociation are ignored. The resulting equations
are close to being linear and can be solved from almost any
physically possible starting point. The approximate solution
thus obtained has been found to be suitable for starting the main
algorithm. In the case of the Gibbs formulation, it has been
found to be acceptable to start the solution procedure with all
Lagrangian multipliers set to zero.

In both the Gibbs minimization and equilibrium techniques,
the AFR and temperature are solved for simultaneously with
the product composition. This ensures that the AFR is fully
consistent with the solution unlike cases where the AFR is
calculated from a simpler formula and imposed as a constraint
on the partial equilibrium solution. Other workers have found
it necessary to treat temperature as a special unknown; in
the case of Hurley (1988) an outer temperature iteration is
performed in which a composition solution is found at an
imposed temperature. Solution is brought about in the outer
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Table 2 Operating conditions for error analysis

Fuel Aviation Kerosene
Gross calorific value | MJkg” 46.2

Net calorific value MJkg’ 43.2

Fuel carbon kgkg! 0.8611

Fuel hydrogen kgkg 0.1389
Oxidant Dry Air
Stoichiometric AFR 14.68

Fuel temperature K 288
Oxidant temperature K 800
Combustion pressure | kPa 700

iteration by the enthalpy conservation requirement. Whilst
such an approach does work for the gas analysis calculation,
the author has found that there is no need to treat the tempera-
ture as a special variable. Thus, temperature is an independent
variable and solved for simultaneously with the AFR and
species concentration. This has been found to have the addi-
tional advantage of reducing instability in the numerical solu-
tion technique and significantly reducing the overall opera-
tions count for the solution.

Implementation Details. The core algorithms have been
implemented as machine independent C++ objects. Great em-
phasis has been placed on making the implementation modular
so that algorithms can readily be modified, and new algorithms
added without requiring changes to the whole of the code. As
the code stands only a single line needs to be changed in order
to select the solution technique. Thus, it is trivial to switch
between the Gibbs minimization algorithms, the equilibrium
constant algorithms and the undissociated algorithms. Other
areas of the code, in particular, the sources of thermodynamic
data can readily be substituted with no impact on other areas
of the code.

This has been achieved using an object oriented programming
approach. The chosen language, C++ was preferred over the
more traditional scientific language, FORTRAN. In addition to
the advantages of an object-oriented design, this allows the code
to interface easily with modern operating environments such as
Microsoft Windows and Unix. This aspect is vital, as, only by
integration into control and data acquisition systems does
TBGA realise its full potential.

Analysis of Errors and Uncertainty

The analysis of uncertainty is one of the most important, but
at the same time, one of the more difficult tasks. This is particu-
larly true at the higher temperatures where no comparison data
from thermocouples are available. This section is not intended
to give a definitive quantification of errors; instead indications
are given of the magnitude of error that can be expected under
typical scenarios. The discussion is relevant to a system using
nondispersive infrared gas analyzers for CO, and CO with a
flame ionization detector for UHC. :

The errors in the predicted adiabatic flame temperature and
AFR have been considered. The following are sources of error
investigated:

Gas analyser readings

Oxidant inlet temperature

Fuel inlet temperature

Fuel calorific value

Fuel composition

Reaction pressure

The assumption of partial equilibrium

N Wi~

The errors are considered at the operating condition given in
Table 2.
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Errors in Measured Gas Concentration, The errors due
to differences between the observed and actual species concen-
tration are considered here. These differences arise due to a
number of factors, principally, the errors due to the gas analyser
and changes in gas composition introduced by the act of sam-
pling the gas.

Errors due to sampling are not covered here; it is assumed
that sufficient precautions will have been taken to ensure that
the gas arriving at the analyzers has the same composition as
that being sampled. However, it should be noted that th